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Abstract

Nanocomposite (NC) and microcomposite (MC) materials are broad categories of composite
materials consisting of two or more constituent materials characterized at nanoscale or microscale
with significantly different physical or chemical properties. These materials are expected to enhance
the properties of the individual ingredients. Monolithic solder alloys have been conventionally used
for electronics interconnections. However, these alloys cannot meet all the requirements for stateof-the-art power electronics applications; these requirements include higher complexity, system
integration, product miniaturization, higher power density, and reliability enhancement. In this
dissertation, the concept of hybridization of different materials tailored to various requirements for
power electronics interconnections is verified through experimental and computational
investigations.
In Chapter 1, the fundamentals of interconnections and assembly in power electronics are
described. Subsequently, a wide variety of NC and MC interconnection materials are reviewed based
on our morphological classification (i.e., matrix-dilute inclusion composites and bicontinuous
composites).
The effects of the combination and geometrical arrangements of various constituents on their
composite properties are comprehensively discussed through finite element (FE) simulations using
simplified representative volume element (RVE) models from a macroscopic perspective in Chapter
2. The calculations of equivalent Young’s modulus and thermal conductivity of the RVE models,
representing the matrix-dilute inclusion and bicontinuous composites, reveal that the bicontinuous
morphology further enhances these equivalent properties. Based on the FE simulations, three
distinctive NC and MC candidates, promising the favorable material properties—low Young’s
modulus, high thermal conductivity and strength, and high-temperature tolerance—are proposed as
follows: porous Ag material, Cu-embedded solder composite, and Cu (and/or Cu6Sn5)-embedded
polymer composite.
An approach utilizing a sintered closed-porous Ag material is discussed in Chapter 3. The
closed-porous morphology is successfully realized by a pressure-assisted sintering process at 260 °C
by employing a Ag nanoparticle paste. Metallurgical observations highlight the nanocrystalline
closed-porous microstructure at the as-sintered state. Further, tensile tests of the sintered Ag films
reveal their low ductility, temperature-dependent characteristics, and lower stiffness than that
estimated from the porosity. A thermal cycling test performed on die-attached specimens at a peak
i

temperature of 250 °C shows their applicability to SiC high-temperature interconnections.
An approach utilizing a metallic mesh-embedded solder composite is described in Chapter 4.
The composite consists of a Sn-based solder matrix and thin Cu or Ni meshes, which are expected
to stabilize the solder matrix against mechanical and thermomechanical loadings and enhance the
thermal conductivity of the composite. Microstructural observation and shear strength tests verify
good structural integrity of such metallic mesh-embedded solder composite joints. Additionally,
thermal and mechanical FE simulations provide an understanding of their thermal- and mechanicalreinforced joint characteristics, which suggests superiority of the Cu mesh inlet over that of Ni.
Furthermore, thermal and thermomechanical resistances of the metallic mesh-embedded solder
composite joints to elevated and/or cyclic temperatures are clarified and benchmarked with solder
reference joints. These results verify that the metallic mesh-embedded solder composite joint,
especially the Cu mesh inlet, is an attractive cost-effective joining solution for power modules at a
maximum temperature below 200 °C.
An approach utilizing a Cu-intermetallic compound (IMC)-embedded polymer composite is
detailed in Chapter 5. In this approach, a skeleton-shaped microstructure consisting of Cu particles
connected with Cu–Sn IMC bridges embedded in a polyimide resin matrix is successfully fabricated
by a pressureless transient liquid-phase sintering (TLPS) process using a Cu-solder-resin composite
paste at 250 °C. Microstructural evaluation, joint strength tests, and thermal conductivity
measurements verify the superior performance of this approach. Furthermore, mechanical FE
simulations based on three-dimensional (3D) image reconstruction to elucidate its macro- and
micro-deformation properties reveal its mechanical characteristics of small elongation and
significantly low stiffness. The implementation of the obtained composite joints for the dieattachments of power modules is validated through thermal aging at 200 °C and thermal cycling
tests of the die-attached specimens at a temperature range in the range of -55 to 175 °C. This
stiffness-reduction approach has a significant potential to be applied in TLPS techniques under
strain-dominated loading conditions; thin-chip die-attachments of power modules can be expected
to be achieved.
The concept of NC and MC materials tailored to various requirements for electronics
interconnections is comprehensively verified by the prediction of equivalent characteristics, and the
experimental and computational evaluations of three specific NC and MC interconnection materials.
Furthermore, the concept of NC and MC interconnection may still have a tremendous potential by
employing various constituents and morphologies. This dissertation is expected to contribute to the
further development of material-hybridization methods in electronics interconnections.
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Chapter 1.

Introduction

1.1. Brief introduction of nanocomposite (NC) and microcomposite (MC) materials
Simple monolithic materials have limitations for modern engineering applications, requiring
multifunctional properties such as light weight, high strength, and high conductivity; therefore,
researchers have recently focused on hybrid materials, which consist of materials with
complementary and synergistic properties. The simple approach of materials hybridization leads to
the tremendous potential of material development, where the materials, size, geometry, and
ingredient arrangement combinations can be chosen. These hybrid materials, known as composite
materials, are recognized in various material systems, e.g., polymer-matrix composites (PMCs),
metal-matrix composites (MMCs), and ceramic-matrix composites (CMCs) [1]. Moreover,
composite materials are evolving into more highly controlled and designed structures at the nano or
microscale level, labeled “architectured materials”, composed of building blocks of well-defined
shape and size, arranged in two or three dimensions, such as periodic cellular, lattice, and porous
materials [2]–[4].
Nanocomposite (NC) and microcomposite (MC) materials are a broad category of composite
materials consisting of two or more constituent materials characterized at the nanoscale or
microscale level with significantly different physical or chemical properties, which can extend the
range of properties and therefore, applications of the individual ingredients. These NC and MC
materials have recently been utilized for electronic interconnection applications. Solder materials,
generally treated as monolithic materials, have conventionally been used for electronic
interconnections. Higher complexity, system integration, product miniaturization, higher power
density, and reliability enhancement are emerging electronic component requirements; that cannot
be fulfilled by traditional simple homogeneous materials. For example, high strength, low stiffness,
high thermal conductivity, and high melting point are important representative factors for electronic
interconnections, that homogeneous materials do not offer. A wide variety of NC and MC materials
have been reported as interconnection materials, e.g., conductive adhesives composed of polymers
and metal fillers, porous sintered materials consisting of metal regions and pores, and solders
reinforced by nanoparticles. These NC and MC interconnection materials commonly have a
microstructure composed of highly conductive and space-filling materials. There are common
morphological characteristics found in these various NC and MC interconnection materials;
however, a comprehensive classification and discussion of NC and MC interconnection materials
1

has not been adequately conducted. Furthermore, the methodology to computationally predict
structural-property relationships in NC and MC materials is desired.
This chapter discusses the favorable attributes of NC and MC materials that make them
promising interconnection materials for electronics applications, especially power electronics. First,
the fundamentals of interconnections and assembly of power modules are discussed to clarify
modern power electronics interconnection requirements. Second, recent interconnection materials
and technologies, especially in power electronics fields, are reviewed. Third, the classification of
NC and MC interconnection materials is performed based on their morphological features.

1.2. Fundamentals of interconnections and assembly in power electronics
1.2.1. Overview of power modules
Electronic systems are composed of multiple interconnected devices and components to realize
their wide functional variety, including information processing, telecommunication, power
transmission, and conversion. In particular, power electronic systems are used in numerous fields
related to the creation, transmission, storage, and use of electricity for various applications,
including home appliances, automobiles, industrial machines, and railway vehicles, among others.
[5]. Power modules, key devices of power electronics, are needed to achieve power loss reduction,
increased switching frequency, higher voltage capability, reliability enhancement in harsh
environments, and system miniaturization. In addition, a wide variety of modules are offered for
various power-related electronic applications [6].
Si-based insulated gate bipolar transistors (IGBT) and diodes have been utilized as power
semiconductor chips. Refinements of power chips have been driven by precision processing
technology enhancement, device architecture structural optimization, and wafer-thickness reduction
to meet market demands for decades [7]–[9]. Recently, power semiconductor chips made of silicon
carbide (SiC), a wide-bandgap semiconductor material, has been actively developed. Excellent
physical and electrical SiC characteristics allow increased power conversion capability and power
loss reduction, far exceeding conventional Si-based power chip capabilities. Compared to Si power
chips, SiC chips have lower intrinsic carrier concentration (10–35 orders of magnitude), larger
saturated electron drift velocity (2–2.5 times), higher electrical breakdown field (4–20 times), and
higher thermal conductivity (3–13 times) [10], which enable higher voltage-capable, lower powerloss, higher frequency-band power modules [11]. Additionally, higher current density and
miniaturization of cooling systems are also expected because of the heat tolerance property of SiC
chips, leading to miniaturization of total power systems [12]–[14]. For the utilization of these
2

outstanding benefits, interconnections have limitations for next-generation applications.
Graphical representations of a conventional power module are shown in Fig. 1.1. Power chips
are interconnected (die-attached) on a substrate where conductive layers are bonded to both sides of
a ceramic insulation layer, and the chips and substrate are connected to external terminals via
wirebonds. The Al2O3, AlN, or Si3N4 plates are usually applied as the ceramic insulation layer, which
is sandwiched between Cu or Al films as the conductive layers. This substrate is bonded (baseattached) onto a base plate and encapsulated with polymer materials in an insulating case. In some
instances, Cu or Al is used as a base plate, while silicone gel or epoxy-potting resin is used as the
encapsulation material. This assembled component is placed on an Al or Cu heatsink by grease or
thermal interface material (TIM). Moreover, other power module types, utilizing various materials
and components, e.g., a polymer sheet as an insulation layer, transfer-molded epoxy encapsulation,
or heatsink-integrated substrate, have emerged to meet various industrial requirements [10], [15]–
[18].
(a)

[Source: Mitsubishi Electric Corporation]

(b)

Fig. 1.1. (a) Representative power modules and (b) graphical representation of a power module.
Power modules are required to have various characteristics tailored to their applications. Some
examples are described, as follows.


Railway power modules: Extremely high reliability and heat dissipation performance are
3

required. In contrast, production volume is generally small; therefore, moderate mass
production capability is satisfactory. The railway power modules would be positioned at
high-end.


Automotive power modules: High reliability and heat dissipation performance are strongly
desired because power density is one of the most important requirements. Additionally,
mass production capability is desirable because production volume is generally large. The
automotive power modules would be positioned as mid-range.



Industry- and home-appliance-use power modules: Cost-effective mass production
capability is demanded because of their large production volumes. Recently, power-chipthickness reduction is actively promoted for power loss reduction. These power modules
would be positioned as volume-zone products.

1.2.2. Requirements for interconnection materials
Enhancement of interconnection reliability against repetitive thermal stress caused by changes
in electrical loading or ambient temperature is one of the most challenging power electronics issues.
Here, we discuss the interconnection material requirements, especially die-attach materials for
power modules. The maximum junction temperature (Tj,max) of Si power chips has recently
approached the range of 150 to 175 °C. In contrast, the Tj,max of SiC is expected to reach 200 °C or
higher in the near future. Therefore, leading-edge die-attachment materials are urgently required for
future applications.
Die-attached power electronics interconnections have three main requirements: (a) Heat
dissipation performance, (b) joint reliability, and (c) stress-reduction for bonded components,
especially power chips.

(a) Heat dissipation performance
Efficient heat dissipation from power chips (heat source) toward the heatsink is required for the
operation of power modules, which leads to elevation reduction of Tj. Fig. 1.2 shows a schematic of
a heat-dissipation path from a power chip to a heatsink. Thermal resistance between a power chip
and a base plate (Rth(j-c)), junction temperature (Tj), and case temperature (Tc) are described as
follows:
𝑇 =𝑃×𝑅

+𝑇,
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(1.1)

𝑅

=𝑅

+𝑅

+𝑅

,

(1.2)

where Q is a power loss, and Rth(j), Rth(i), and Rth(c) is the thermal resistance of the chip,
interconnection layer, and case, respectively. Tc is usually decided by the cooling condition. Rth(i) is
described as follows:

𝑅

=𝑅

+𝑅

=

𝑡 1 1
+
∙ ,
𝜆 ℎ 𝐴

(1.3)

where t and λ is the thickness and thermal conductivity of the die-attach layer, respectively. h is the
interfacial heat transfer coefficient, and A is the area of the die-attach layer. Rth(bulk) and Rth(interface)
is the thermal resistance at bulk (sometimes homogenized) interconnection material and interface,
respectively. When Rth(j), Rth(c) and Q, which depend on power module structure and chipcharacteristics being constant, the following equation is given:

𝑇 −𝑇 ∙𝐴=𝑄∙

𝑡 1
+
+ C,
𝜆 ℎ

(1.4)

where C is a constant. Eq. 1.4 shows that the decreased thickness of die-attach layer t, or the
increased thermal conductivity λ, or interfacial heat transfer coefficient h can reduce the junction
temperature Tj and chip area A. Therefore, thermal performance enhancement of interconnection
materials contributes to power chip shrinkage or miniaturization of the entire power system.

Fig. 1.2. Schematic of the heat-dissipation path of a power module.
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(b) Interconnection reliability
Based on Eq. 1.4, the elevation of Tj enables the reduction of area A, i.e., miniaturization of
power modules; therefore, a high-temperature-tolerant interconnection technology is required. Snbased lead-free solders are conventionally used as interconnection materials. These solders, having
a melting point of approximately 220 °C, have limitations for use at Tj of 200 °C or higher.
Furthermore, the swing of junction temperature Δ Tj increases repetitive thermal strain at
interconnection materials because of the coefficient of thermal expansion (CTE) mismatch between
assembled components. For example, the CTE of Si, Si3N4 ceramic, Cu, and Al is 2.6, 3.0, 16.7, and
23.0×10-6/K, respectively, where severe thermal strain occurs. Besides, the recent utilization of SiC
power chips increases the thermal stress in the interconnection layer due to four times higher
Young’s modulus of SiC than that of Si [19]. Thus, resistant properties of interconnection materials
against thermal stress caused by temperature swing are in high demand.
The thermal stress at a die-attach layer between a chip and substrate can be roughly calculated,
as shown below; assuming linear-elastic material properties, the maximum shear stress amplitude
Δτ on the die-attach layer when the temperature changes between the minimum temperature Tmin
and maximum temperature Tmax is,

∆𝜏 =

𝐸
𝛼
1+𝜈

−𝛼

∙ 𝑇

−𝑇

,

(1.5)

where E is Young’s modulus, ν is Poisson’s ratio, and αchip,substrate is the coefficient of thermal
expansion of the chip and substrate [20]. Eq. 1.5 shows that the maximum shear stress amplitude
Δτ is proportional to Young’s modulus E. This understanding is also supported by analytical
calculations of thermal stress within multi-layered structure, described in Appendix A and B.
Although the nonlinear properties of the complicated system must be considered for detailed
assessment, both of the estimation suggest that joint stiffness reduction is an approach to improve
joint reliability because of the stress relaxation. Moreover, the strengthening of the interconnection
layer is another approach to improve joint reliability.

(c) Stress-relaxation for power chips
The other problem is a mechanical or electrical failure of power chips constrained by a dieattach layer against thermal stress. Large CTE mismatch between a power chip, die-attach layer, and
substrate is seen in most power modules, which enhance the power chip failure risk during
temperature changes. Semiconductor chips tend to show brittle fracture behavior against stress
because of their brittle nature. Bohm et al. [21] reported that the strengths of the Si-wafer by a three6

point bending test, which are approximately 200 MPa in 1%-probability, were determined by the
Weibull-statistical approach. Furthermore, mechanical stress affects electrical characteristics of
power chips, such as IGBT. Usui et al. [22] showed the stress-dependency of trench IGBT by
experimental and numerical approaches, as shown in Fig. 1.3, where, e.g., a change of on-stage
voltage within a few percent occurred by applying mechanical stress of 200 MPa.
These risks are enhanced by the recent progress of power chips, i.e., a decrease in the power
chip thickness and utilization of SiC as an alternative for Si. Power chips with less thickness, e.g.,
100 μm or less, have recently emerged to reduce power loss. The Young’s modulus of SiC is four
times higher than Si, which leads to an increase in thermal stress with power chips. Thermal stress
within power chips can be analytically calculated based on linear-elastic properties, as described in
Appendix A and B, indicating the effectiveness of Young’s modulus reduction of interconnection.
For these reasons, the die-attach layer is required to act as a stress-relaxation layer for power chips.

Fig. 1.3. Mechanical-stress-dependent characteristics of the on-stage voltage of trench IGBT:
Experimental results with stress direction along [110] and [110] direction of Si wafer [22].

1.3. Interconnection materials and technologies overview
Here, we discuss the NC and MC materials and technologies for electronics interconnections,
especially die-attach materials and technologies for power modules. The composite material
characteristics depend on microstructural features: (a) Constituent characteristics, (b) constituent
geometrical arrangements, and (c) interface properties between the constituents. Here, we discuss
electronics interconnection materials based on the first and second features.
The constituent characteristics significantly affect various composite material properties. For
electronics interconnection materials, various favorable characteristics, e.g., high electrical and
7

thermal conductivity, sufficiently high melting point, low modulus, and high strength, among others,
are required. For example, the melting point, Young’s modulus, thermal conductivity, and tensile
strength of commonly used materials as the constituents of die-attach materials are shown in Table
1.1. The durable temperature was defined as temperature characteristics as follows: Melting point
for pure metals, alloys, and ceramics; phase transformation temperature for IMCs; and
decomposition temperature for polymers. Generally, Young’s modulus, thermal conductivity, and
tensile strength have a positive correlation with material durable temperature, as shown in Fig. 1.4.
Furthermore, the relationships between thermal conductivity and Young’s modulus of these
materials, as shown in Fig. 1.5, similarly shows a positive correlation with these properties, where
no candidates can be found in the region showing both of high thermal conductivity and low Young’s
modulus. Low Young’s modulus, high thermal conductivity, and high tensile strength are required
for die-attachment of power modules, as described in Section 1.2.2. Additionally, a lower bonding
temperature is favorable to industrial uses. However, a simple monolithic material that can meet all
these requirements is not available. Thus, NC and MC interconnection materials have a tremendous
potential for meeting the requirements of die-attachment for state-of-the-art power modules.
Table 1.1. Representative monolithic material properties for die-attach [20], [23]–[42].
Durable
Young’s
Thermal
Tensile strength
temperature*
modulus
conductivity
[MPa]
[°C]
[GPa]
[W/m∙K]
Pure metal
Cu
1085
100
401
213
Ag
962
83
429
124
Al
660
70
237
47
Zn
420
108
116
118
Bi
272
32
8
12
Sn
232
50
67
17
Alloy (solder) Pb-5Sn
310
35
23
18
Au-20Sn
280
68
57
275
Sn-3Ag-0.5Cu
218
31
55
52
Sn-37Pb
183
27
50
56
Sn-57Bi-1Ag
138
24
21
42
795
125
20
--**
IMC
Ni3Sn4
676
120
60
2150
Cu3Sn
480
80
76
--**
Ag3Sn
415
102
45
1130
Cu6Sn5
2072
370
30
260
Ceramic***
Al2O3
1825
283
5
--**
TiO2
Polymer***
Polyimide
410
3–7
0.2
350
Epoxy
250
2–5
0.3
50
* Melting point for pure metals, alloys, and ceramics; phase transformation temperature for IMCs;
decomposition temperature for polymers.
** Unidentified.
*** The listed values of ceramics and polymers are examples within their wide variation range.
Category

Materials
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(a)

(b)

(c)
Fig. 1.4. Relationships between the melting point of the die-attaching material constituents and (a)
Young’s modulus, (b) thermal conductivity, and (c) tensile strength.

Fig. 1.5. Relationships between thermal conductivity and Young’s modulus of the die-attaching
material constituents.
9

The geometrical arrangements of the constituents also affect the mechanical and conductive
characteristics of the composite materials. Bargmann et al. [43] proposed the systematic
classification considering a wide range of heterogeneous materials, which are divided into porous
and non-porous materials by assuming the “space-filling property” of the material domain as the
basis. In their work, non-porous materials are further subdivided into non-matrix materials,
bicontinuous, and matrix-reinforced composites. In contrast, porous materials are further subdivided
into fabrics, agglomerates, and aggregates, where a wide range of heterogeneous materials are
treated by discussing the methods of computational modeling of representative volume elements
(RVE) of these materials. However, for a comprehensive understanding of interconnection materials,
the geometrical arrangements of the composite constituents have to be further discussed by
assuming the electrical- and thermal-conductive properties of the materials as the basis.
The NC and MC electronics interconnection materials consist of conductive constituents and
space-filling constituents. The characteristics of the NC and MC interconnection materials
dominantly depend on the geometrical arrangements of the conductive constituents. Additionally,
the space-filling constituents can often be selected for two targets: Reinforcement or stiffness
reduction. Thus, based on the morphology of the conductive constituents and the target of the spacefilling constituents, we categorized electronics interconnection materials into monolithic, and two
categories of composite materials: Matrix-dilute inclusion composites and bicontinuous composites,
as shown in Table 1.2. The category of the matrix-dilute inclusion composites is further divided into
matrix-particle composites and closed-porous materials. The bicontinuous composites category is
also subdivided into matrix-skeleton composites and open-porous materials. In Table 1.2, we show
representative die-attach materials and bonding processes with examples and references,
considering the combination of the primary and secondary constituents following these categories.
In the following, we provide a state-of-the-art overview of various die-attach materials separately
for each microstructure class by regarding them as NC and MC materials.

10

[119], and Cu [120]

Cu

[115],
Nanoporous films of Ag [116]–[118], Au

[110]–[114],
Nanoporous films

Ag

Sintered

Sintered open-porous materials

Air

Open-porous materials

Metal

[109]

Ag nanoparticle-epoxy adhesives [107]–

composites

Sintered conductive adhesives

composites [103]–[106]

Ag [89]–[99], Cu [100]–[102], Ag or Cu

Ni-Sn IMC with Ni particles [88]

TLPS
Sintered closed-porous materials

Cu-Sn IMCs with Cu particles [82]–[87],

[77], TiO2 [77]–[79], Fe2O3[80], SiC[81]

[72], [73], nanoparticles of Al2O3 [74]–

Solder with microparticles of Ni, Cu, Ag

[70], Ni-Sn [71], Au-In [70]

Cu-Sn [61]–[67], Ag-Sn [68], Ag-In [68]–

[50], Zn [51]–[56], Bi [57]–[60]

Solders based on Sn [44]–[46], Au [47]–

IMC and metal particles by

Inclusion-reinforced solders

IMCs by TLPB

Solders

Example of materials and references

composites

Polymer

Air

Metal

Ceramic

--

--

Secondary

Typical materials

Matrix-skeleton

Metal

Metal

IMC

Metal

IMC

Metal

Primary

Constituents

Bicontinuous

materials

Closed-porous

composites

inclusion

composites

Matrix-particle

Subcategory

Matrix-dilute

materials

Monolithic

Category

Table 1.2. Classification of electronics interconnection materials into monolithic materials, matrix-dilute inclusion composites, and bicontinuous composites.
These categories are subdivided based on the morphological features and combination of the first and second materials, where the primary material is defined as
the main electrical- and thermal-conductive part within the composite structure.
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1.3.1. Monolithic materials
A monolithic material is a material composed of a single solid part showing both a conductive
and space-filling property for interconnections. Here, solders are categorized as the most common
monolithic interconnection materials, where they are regarded as a single solid layer except in grain
boundaries, minute precipitates, or interfacial IMCs. Furthermore, monolithic IMC layers are also
utilized as an interconnection layer derived by transient liquid phase bonding (TLPB). In the
following, we discuss monolithic interconnection materials of solders and IMCs.
Sn-based lead-free solders have been used as a conventional die-attach solution for power
modules. Sn-Ag and Sn-Cu are the representative compositions, with a melting point around 220 °C
[44], [45]. Recently, Sn-Sb solders have emerged for targeting the increased melting point and solidsolution strengthening, and have a melting point around 240 °C [46]．As a rule of thumb, solder
materials can be reliably used when the homologous temperature: Th, as shown in T/Tm, is below
80% [121]. Considering the Sn-based solder melting points, ranging from 220 to 240 °C as described
above, these solder materials have many problems for use at temperatures higher than 200 °C.
Au-based solders, especially Au-Sn solder, with a melting point of 278 °C, are primarily used
for die-attach of optical or high-frequency precision devices [47]. Lee et al. [48] demonstrated that
the growth rate of IMCs on Cu or Ni interfaces of Au-Sn solder was less than that of Sn-Ag-Cu
solder, which is one of the most common Sn-based solder compositions. However, Arabi et al. [49]
reported that the crack propagation within the Au-Sn solder layer of power modules was observed
while operating at 175 °C. Lang et al. [50] clarified the favorable temperature tolerance property of
Au-Ge solder, which has a melting point of 360 °C, on Ni-metallized chips by utilizing the W
interlayer as a diffusion barrier, which reduced the IMC interface thickness. However, the use of the
Au-based solders as a die-attach solution for power modules is limited because of their high cost.
Pure Zn solder [51] and Zn-xSn (x = 20, 30, 40 wt%) solders [52] have been proposed as
candidates of Zn-based solders. A common problem with Zn-based solders is the IMC brittleness
between the solders and commonly used electrode materials: Ni or Cu. Suganuma et al. [51]
demonstrated that the utilization of the TiN interlayer in a chip-metallization as a barrier layer
improved the joint reliability of the pure Zn solder. Takaku et al. [53], [54] reported that a Zn-Al
solder showed a relatively low growth rate of interfacial IMC on a Ni electrode because Al-Ni IMC
preferentially grew. Yamaguchi et al. [55], [56] developed a multi-layered solder material, which
consists of a Zn film sandwiched between Al and/or Cu films to achieve good Zn-based solder
wettability, which usually show poor wettability because of the stable oxidized surface of Zn. The
pure Zn, Zn-Sn, or Zn-Al solders have a liquidus temperature of approximately 365–400 °C;
therefore, the high-temperature-tolerant property is expected compared to conventional Sn-based
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solders. However, the use of the Zn-based solders as a die-attach solution for power modules is
limited because of their high melting point.
Bi-based solders, Bi-Ag, Bi-Sn, and Bi-Zn have been proposed. Bi-Ag [57], [58] and Bi-Zn [59]
solders, with eutectic points of 263 and 255 °C, respectively, were attempted for power module
applications. Bi-Sn solder, which includes several percent of Sn, is proposed for operation at 250 °C
or higher [60]. Well-known problems of the Bi-based solders include brittleness and low Bi thermal
conductivity, along with a brittle IMC on the Ni-metallization layer: BiNi3. Wang et al. [60] reported
that a 5%-or-higher addition of Sn enabled the priority growth of Ni3Sn4 instead of the BiNi3,
enhancing the high-temperature reliability. Iseki et al. [59] demonstrated that improvement of
mechanical properties could be achieved by utilizing Bi-2.6Zn solder because of the lower BiNi3
growth rate compared to the pure Bi solder. However, low joint reliability on Ni metallization, brittle
mechanical properties, and low thermal conductivity disturb power module applications.
Transient liquid phase bonding (TLPB) [122], which utilizes IMCs as a bonding layer, has been
developed. The bonding layer is obtained through the isothermal layered sheet solidification, with
the first material being a low-melting-point metal (e.g., In, Sn), and the second material, a highmelting-point-metal (e.g., Cu, Ag, Ni, Au), at a temperature above the liquidus temperature of the
first material under static bonding pressure for intimate contact. The remelting point of the bonding
layer rises from the first material melting point to the IMCs. Lee et al. [61] demonstrated joints with
a remelting point of 713 °C bonded at 280 °C by the TLPB process of the Cu-Sn system. Bosco et
al. showed the heating rate impacts during the bonding process on the IMC-grain growth behavior,
and the guideline of bonding layer thickness and temperature profiles for void formation reduction
[62], and excellent joint strength [63]. Guth et al. utilized the Cu-Sn TLPB into power module dieattachment [64] and demonstrated the excellent joint reliability [65]. Fukumoto et al. [66] presented
the rapid isothermal solidification by increasing the area of Cu-Sn interfacial diffusion utilizing the
multi-layered Cu-Sn thin film. Jeong et al. [67] proposed pre-annealed multi-layered Sn/Cu/Sn
composite preform for fast formation of IMCs at 270 °C for 5 min. The TLPB methods using AgSn [68], Ag-In [68]–[70], Ni-Sn [71], and Au-In [70] are also being developed. Nevertheless, high
bonding temperature at 300 °C or higher, long bonding duration, and the limitation of a thin bonding
layer, which are required for sufficient diffusion reaction progress, are barriers for industrial
application.
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1.3.2. Matrix-dilute inclusion composites
Matrix-dilute inclusion composites are a material composed of a conductive matrix and dilute
space-filling inclusions. The matrix-dilute inclusion composites are characterized by unconnected
inclusions embedded in a topologically interconnected matrix [43]. The electrical and thermal
conductivity of the composites primarily depend on the matrix properties. The inclusions are
intended to improve the mechanical properties of the matrix. Inclusions within composites are
usually intended to reinforce the matrix by their properties of high strength and stiffness. In this
study, the definition of the inclusions is extended to be a material embedded in a matrix, intending
to modify the matrix properties, namely a material for reinforcement, stiffness reduction, or
conductivity enhancement of the matrix. When we discuss the stiffness-reduction composites, pores
can be the inclusions. The category of the matrix-dilute inclusion composites is further divided into
matrix-particle composites and closed-porous materials. In the following, we discuss the matrixparticle composites (Section 1.3.2 (a)) and closed-porous materials (Section 1.3.2 (b)).

(a) Matrix-particle composites
Matrix-particle composites are composed of isolated inclusions embedded in a matrix material.
Quite stiff and nearly insoluble materials such as ceramics are commonly used as the inclusions.
The inclusions are intended to inhibit matrix deformation by their rigid properties and the growth
of coarse grains by their action as sites for heterogeneous nucleation. In addition, highly-conductive
inclusions can be introduced to improve thermal and electrical matrix conductivity. Matrix-particle
composites may emerge at various scales, depending on the size of the inclusions.
Inclusion-reinforced solders are being researched as matrix-particle composites for electronic
interconnections. Guo et al. [72], [73] developed composite Sn-Ag solders reinforced with micronsized particles of Ni, Cu, and Ag, where creep behavior of these composite solders was investigated
at 25, 65, and 105 °C. Furthermore, composite solders reinforced with nanoparticles of Al2O3 [74]–
[77], TiO2 [77]–[79], Fe2O3 [80], SiC [81] have recently been researched. These nanoparticles of
oxides or carbides with high melting temperatures suppress grain growth and therefore provide the
formation of small precipitated IMCs within solders. Li et al. [74] successfully synthesized
composite solder reinforced with 1, 3, and 5% of Al2O3 nanoparticles, which increased yield and
ultimate tensile strength. Tsao et al. [75], [76] successfully blended Sn-3.5Ag-0.5Cu composite
solders reinforced with 0.25, 0.5, and 1 wt.% of Al2O3 nanoparticles, and revealed the microstructure
composed of both superfine nano-Ag3Sn and wider eutectic areas in the solder matrix, where Al2O3
nanoparticles were dispersed both at and along the grain boundary regions. These nanoparticlereinforced solders showed higher microhardness, higher strength, and lower ductility compared to
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monolithic Sn-3.5Ag-0.5Cu solder. Sn-Ag solders reinforced with TiO2 [77]–[79], Fe2O3 [80], or
SiC [81] nanoparticles also provided higher hardness and strength by the morphology with finegrained precipitates. The strengthening effects of these matrix-particle composites are
understandable by the theory of dispersion strengthening.
Matrix-particle composites composed of metal particles embedded within an IMC matrix has
recently emerged. The composites are obtained by transient liquid phase sintering (TLPS) utilizing
powder-based bonding materials. In comparison with the interconnection by TLPB, as shown in
Section 1.3.1, the powder-base materials utilization enables the reduction of bonding duration by
increasing the area of interfacial diffusion and a thicker bonding layer. Greve et al. [82] developed
a bonding paste consisting of Cu and Sn particles for a die-attachment of power modules, where
high joint strengths were obtained at 600 °C by using the material with a mixing ratio of Cu at 60
wt%. Additionally, higher joint strengths were achieved by the Ni addition to the Cu-Sn paste [83].
Liu et al. [84]–[86] showed the temperature-resistant joints bonded at a lower temperature and
shorter bonding process by utilizing Sn-coated Cu particles as a bonding material. Hu et al. [87]
developed the bonding film, as shown in Fig. 1.6, produced by the pressurization of Sn-coated Cu
particles at room temperature, which enabled void formation reduction and a lower and shorter
condition (temperature: 280 °C, pressure: 0.5 MPa) during the bonding process. Furthermore, the
possibility for power module applications was demonstrated from a thermal and electrical
characteristics point of view. Shao et al. [88] developed the new TLPS process through the capillary
action of liquid Sn into a porous Cu film, which realized a well-densified structure even with a
relatively low bonding pressure of 0.3 MPa. These TLPS bonding layers, as described above, consist
of Cu-Sn IMCs and remaining Cu particles (and sometimes pores). Additionally, Feng et al. [123]
demonstrated that the Ni-Sn TLPS joint showed stable strength from room temperature to 350 °C,
where the Ni-Sn TLPS bonding layer similarly consists of Ni-Sn IMCs, remaining Ni particles, and
pores. Thus, these TLPS layers can be considered as the matrix-particle composites composed of
high-melting-point metal particles embedded in an IMC matrix.
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Fig. 1.6. (a) Cross-sectional image of the TLPS joint bonded at 250 °C for 8 min with 0.5 MPa
using preformed Cu-Sn film; (b) and (c) higher magnification images of the areas shown by red
squares in (a) [87].
(b) Closed-porous materials
Closed-porous materials consist of a matrix material with isolated pores. Fig. 1.7 shows typical
three-dimensional (3D) structures obtained by computational modeling, shown in Ref [43], where
the structure is known as matrix-dilute pore systems. Nano- or micro-pores are embedded in the
matrix. These pores are usually treated as defects, for example, casting defects in the metallic
components. However, these isolated pores tend to decrease material stiffness; therefore, these pores
can be intentionally introduced into certain materials such as nanoporous metallic glass.
(a)

(b)

(c)

Fig. 1.7. Typical 3D structures of closed-porous materials obtained by computational modeling: (a)
randomly arranged spherical pores, (b) randomly oriented elongated ellipsoid pores, and (c)
deterministically oriented elongated ellipsoid pores, shown in Ref [43].
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Sintered closed-porous materials, which are manufactured by the pressure-assisted sinter
bonding process using nanoparticles, are being researched for electronics interconnections,
especially power modules. Nanoparticles show the inherent characteristics because of the
significantly high surface energy per volume [124]–[126]. The high surface energy is helpful for
sinter bonding at a relatively low temperature. Research on bonding technology using nanoparticles
started in the early 2000s [89], [90], [92]–[95]. Ag nanoparticles are commonly used for the bonding
process [91], [96]–[99], and Cu nanoparticles have also recently been researched [100]–[102].
Additionally, the bonding material of Ag or Cu compounds, such as Ag2O, Ag2CO3, Cu2O, or Cu2O,
are utilized for sinter bonding through in-situ chemical decomposition reactions [103]–[106]. The
pressure-assisted sinter bonding process provides a closed-porous microstructure, consisting of a
dense sintered matrix with dilute closed pores. Fig. 1.8 shows the sintering behavior of Ag
nanoparticles through pressureless heating in air, shown in our previous study [96]. The Ag
nanoparticles began connecting at 200 °C and agglomerated to bulkiness through temperature
elevation. The sintered microstructure with closed pores can be seen at a temperature higher than
300 °C. Sintered microstructure strongly depends on temperature and pressure conditions; for
example, the bonding temperature and pressure commonly range from 250 to 400 °C and from 5 to
40 MPa, respectively, using Ag nanoparticles. Carr et al. [127] quantitatively characterized the 3D
morphology of Ag joints sintered at 240 °C for 3 min under 10 MPa by quantification of the
segmented 3D images, where the as-sintered joint mainly embeds closed pores. Zhang et al. [128]
reported the averaged volume fraction of pores of the microstructure by pressure-assisted sintering
ranged below approximately 20%. Researchers are pursuing improved joint strength by reducing
porosity within the closed-porous microstructure by optimizing material characteristics such as
particle-size distribution, types of solvent, and bonding conditions such as temperature, pressure,
and atmosphere. The sintered closed-porous interconnection material has been reported as already
being utilized for power module applications, where excellent conductivity and joint reliability have
been demonstrated [128]–[134].
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(a)

(b)

(c)

(d)

(e)

(f)

Fig. 1.8. Scanning electron microscope (SEM) images of Ag nanoparticles (a) before and after
heating up to (b) 250, (c) 300, (d) 350, (e) 400, and (f) 500 °C [96].

1.3.3. Bicontinuous composites
Bicontinuous composites consist of two constituents, each of which is continuous in space,
forming an interpenetrating network. A typical computational-modeled 3D bicontinuous structure is
shown in Fig. 1.9. The common feature of all bicontinuous composites is that each of the
interpenetrating phases has an open-cell morphology formed of interconnected ligaments [43].
Bicontinuous composites are fabricated to demonstrate outstanding thermal, electrical, and
mechanical properties by designing morphological arrangements as well as constituent properties.
Regarding electronics interconnection materials, one constituent (primary) works as an electrical
and thermal conductive part. In contrast, the secondary constituent acts as a space-filling part or
plays both conductive and space-filling roles because of its continuous morphology, which is a
different feature from the matrix-dilute inclusion composites (Section 1.3.2). The mechanical
properties of the bicontinuous composites depend on the morphology as well as the mechanical
properties of both primary and secondary constituents. Simply put, a primary constituent is
reinforced or stiffness-reduced by a secondary one. When the secondary constituent is air, the
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bicontinuous composites are regarded as open-porous materials or open-cellular materials, which
are expected to provide significantly low stiffness interconnections. By contrast, relatively stiff
materials can be used as the secondary constituents, the morphology of which looks like a skeleton
in the body. In this case, the bicontinuous composites are regarded as matrix-skeleton composites,
which are defined as the bicontinuous composites with the secondary constituent reinforcing the
primary one. Based on this consideration, the category of the bicontinuous composites is further
divided into open-porous materials and matrix-skeleton composites. In the following, we discuss
matrix-skeleton composites (Section 1.3.3 (a)) and open-porous materials (Section 1.3.3 (b)).

Fig. 1.9. Typical random bicontinuous composite microstructure with each phase of a volume
fraction of 50%, shown in Ref [43].
(a) Matrix-skeleton composites
Matrix-skeleton composites are defined as the bicontinuous composites composed of two
interpenetrating solids characterized by reinforcement and stiffness-reduction, respectively.
Moreover, one solid generally plays the electrical and thermal conductive path role for electronic
interconnections. Examples for matrix-skeleton composites are bicontinuous metal-ceramic
nanocomposites [135] and polymer/elastomer composites [136]. Here, we discuss sintered
conductive adhesives as matrix-skeleton composites.
Sintered conductive adhesives are composed of a skeleton-shaped solid of sintered conductive
fillers embedded into a polymer matrix. Jiang et al. [107] reported Ag nanoparticle-filled conductive
adhesives with various surfactants of their particles could be achieved with 2 × 10-4 Ω cm. Zhang et
al. [108] developed highly conductive polymer nanocomposites, consisting of an epoxy resin, Ag
flakes, and incorporated Ag nanoparticles, which showed electrical resistivity of 6.0 × 10-6 Ω cm
cured at 260 °C for 10 min. Furthermore, Amoli et al. [109] reported conductive adhesives using Ag
nanoparticle-decorated graphene in an epoxy matrix, which showed the electrical resistivity of 4.6
× 10-5 Ω cm at a lower temperature of 220 °C. These highly conductive adhesives have a
microstructure, which is a sintered skeleton-shaped solid embedded in a polymer matrix. However,
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examples, where these adhesives are used for the interconnection of high-temperature power
modules, are rarely seen to date.

(b) Open-porous materials
Open-porous materials consist of a solid matrix and continuous space. Fig. 1.10 shows typical
3D open-porous structures obtained by computational modeling, shown in Ref [43], where the
structure is known as open-cell material. The inherent feature of the open-porous materials is the
morphology of pores, which are continuous in space, compared to the morphology of discontinuous
pores in the closed-porous materials (Section 1.3.2 (b)). The volume fraction of the continuous solid
part in the open-porous materials is lower than that of the closed-porous materials. The inherent 3D
microstructure strongly affects the equivalent mechanical and conductive properties. This
microstructure can significantly reduce the interconnection joint stiffness.

Fig. 1.10. Typical open-porous material microstructures with (a) 20% and (b) 50% solid phase
volume fraction, shown in Ref [43].
Sintered open-porous materials are an example of open-porous materials for electronics
interconnections. These are commonly obtained by a low-pressure or pressureless sinter bonding
process using nano- or microparticles. The closed-porous materials, as discussed in Section 1.3.2
(b), are produced by the well-advanced sintering phenomena through a pressure-assisted bonding
process. In contrast, the open-porous materials are fabricated by the intermediate stage of sintering
by using a pressureless or low-pressure bonding process. Yu et al. [110] reported that the joint
strengths bonded by pressureless sintering of microscale Ag paste showed approximately 15 MPa
between 200 and 300 °C for 60 min with Ag-metallized substrates. Kariya et al. [111] evaluated the
deformation behavior of open-porous Ag microstructure by using experimental and computational
analyses, presenting low Young’s modulus and creep deformation enhancement at a lower
temperature. Zabihzadeh et al. [112], [113] evaluated the deformation behavior of nano-porous
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polycrystalline Ag by tensile tests, 3D-tomography, and computational simulations by using imagebased reconstruction models. These results provided the macroscopic stress-strain curves and also
the microscopic stress and strain distribution within the microstructures with various porosity.
Suzuki et al. [114] also demonstrated the open-porous microstructure by using a 3D-sectional
observation technique, the deformation behavior of which showed significantly low elastic modulus.
They also showed that the increased porosity of sintered Cu open-porous microstructure reduced the
elastic modulus by using experimental and computational mechanical testing [115]. As mentioned
above, researchers have reported the stiffness-reduced mechanical properties of the sintered openporous materials. These results suggested the outstanding potential of stiffness-tailored bonding
materials. However, the open-porous materials tend to show insufficient joint reliability against
thermal cycling operations because of their lower strength.
A solid-state bonding technique by using nanoporous films has been developed for
interconnections. Nishikawa et al. demonstrated the nanoporous films of Ag [116]–[118], Au [119],
and Cu [120] for high-temperature power module and flip-chip device applications. These
nanoporous sheets are fabricated by a dealloying process, which utilizes selective dissolution of
electrochemically active elements into the electrolyte solution from a precursor alloy. The
dealloying process forms an open-porous structure. For example, the bonding process at 300 °C for
30 min under a pressure of 20 MPa by using the Ag nanoporous sheet enabled a shear strength
equivalent to a conventional Pb-based solder [116]. The technique is expected to demonstrate
excellent reliability in high-temperature power module applications.

1.4. Objectives and outline
Power modules, being key power electronics devices, are required to achieve power loss
reduction, increase switching frequency, raise voltage capability, enhance reliability in a harsh
environment, and system miniaturization. Enhancement of interconnection reliability against
repetitive thermal stress caused by changes in electric loading or ambient temperature is one of the
most challenging issues of power electronics. The maximum junction temperature (Tj,max) has
recently been shifting from 150 to 175 °C for Si devices, and approaching 200 °C or higher for SiC
devices in the near future. Therefore, leading-edge interconnection materials, especially die-attach
materials, are strongly required for future applications. The interconnection materials have three
main requirements: Heat dissipation performance, joint reliability, and stress-reduction for power
chips. The requirements suggest that low Young’s modulus, high thermal conductivity, high tensile
strength, and high durable temperature are required for the interconnections. Additionally, a lower
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bonding temperature is favorable for industrial uses. However, a simple monolithic material that can
meet all these requirements has not been found. In contrast, NC and MC interconnection materials
have a tremendous potential for meeting the requirements of die-attachment for state-of-the-art
power modules. A wide variety of NC and MC materials have been reported as interconnection
materials, as described in the literature overview in Section 1.3. However, a comprehensive
discussion of these NC and MC interconnection materials by a certain methodology focusing on the
morphological features has not been thoroughly conducted. Moreover, the compatibility of these
NC and MC interconnection materials for power die-attach applications has not been sufficiently
discussed.
Based on these considerations, the objectives of this dissertation are to verify NC and MC
materials tailored to various requirements for power electronics interconnections by experimental
and computational investigations. First, the combination and geometrical arrangement effects of
various constituents on their composite properties and joint characteristics are comprehensively
discussed by finite element (FE) simulations using the idealized microstructure computationalmodeling. Based on the simulation results, we propose the promising NC and MC interconnection
materials: Sintered closed-porous Ag material, metallic mesh-embedded solder composite, and CuIMC-embedded polymer composite. These NC and MC interconnection materials are evaluated
through microstructural observations, mechanical testing, and joint reliability evaluations, as well
as FE simulations. These results provide helpful insights about the deformation mechanisms and
fracture behaviors of the NC and MC materials, and NC and MC material implementation outlook
for future power module applications. The dissertation research flow is shown in Fig. 1.11; and
consists of six chapters, with what has preceded being Chapter 1 and the remaining chapters
described as follows.
In Chapter 2, a prediction method of NC and MC interconnection materials characteristics are
proposed by utilizing the FE simulations using the computationally-modeled idealized
microstructure. The effects of the combination and geometrical arrangements of various constituents
on their composite properties are comprehensively discussed. Based on these results, we propose
the promising NC and MC interconnection materials.
In Chapter 3, a sintered closed-porous Ag material is evaluated for high-temperature die-attach
applications of SiC power modules. The effects of the metallurgical and mechanical properties of
the sintered Ag materials are evaluated using electron-microscope observations and tensile tests of
sintered films at elevated temperatures. Subsequently, the temperature dependence of die-attach
reliability is investigated using thermal cycling tests of die-attached specimens composed of SiC
power chips and direct bonded copper (DBC) substrates under various temperature conditions.
22

Finally, the presumed fracture mechanism and the outlook of the implementation of the sintered
closed-porous Ag materials for high-temperature power modules are discussed.
In Chapter 4, a metallic mesh-embedded solder composite as a bicontinuous composite is
evaluated. The metallic mesh-embedded solder composite consists of Sn-based solder matrix and
thin Cu or Ni meshes, which are expected to stabilize the solder matrix against mechanical and
thermomechanical loading, and enhance thermal conductivity. Microstructural observation and
shear strength tests of such metallic mesh-embedded solder composite joints are evaluated,
supported by FE simulations. Moreover, the thermal and thermomechanical resistances of the
composite joints to elevated and/or cyclic temperatures are clarified and benchmarked with solder
reference joints.
In Chapter 5, a Cu-IMC-embedded polymer composite as a bicontinuous composite is proposed
for stiffness-reduced TLPS joints by controlling the microstructural morphology. In this concept, a
skeleton shaped microstructure consisting of Cu particles connected with Cu–Sn IMC bridges
embedded in a polyimide resin matrix is fabricated by using a Cu-solder-resin composite paste as a
bonding material. First, this concept is validated by using mechanical FE simulations of simplified
composite models to roughly estimate the composite microstructure impact on the effective
mechanical properties. The concept is verified by experimental microstructural analyses of
microscope observations and X-ray diffraction analyses. The implementation of the obtained
composite joints for power module die-attach is evaluated by thermal aging and cycling tests.
Moreover, the unique microstructure is precisely evaluated using FE analysis based on 3D image
reconstruction to elucidate their macro- and micro-deformation properties.
In Chapter 6, this dissertation is concluded.
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Chapter 2.

Prediction of NC and MC interconnection

materials characteristics

2.1. Introduction
Researchers have been considering how to describe complicated microscopic behaviors of
composite materials, especially deformation behavior, as a simple homogenized model from a
macroscopic view. There are various analytical or computational methods for composite material
approximation, which is known as homogenization. In the homogenization concept, the complicated
composite material microstructure is regarded as the one composed of a repeating unit cell or RVE.
The microstructure is approximated as periodic.
Several analytical methods are proposed to predict composite material properties. The simplest
classical method is the Rule of Mixtures, which enables prediction of a characteristic from the
volume fraction of constituents in a composite. Parallel model (Voigt model) and series model
(Reuss model), which are the simplest models, are described as follows:
𝐸∗ = 𝑉 𝐸

+ 1−𝑉 𝐸 ,

(2.1)

where E1, E2, and E* are the properties, e.g., Young’s modulus of constituents 1 and 2, and the
composite, respectively. V1 is a volume fraction of the first constituent. n is determined with n = 1
in the Voigt model or n = -1 in the Reuss model. When considering the Young’s modulus, it is well
known that the values calculated by Voigt and Reuss models are the upper and lower bound of the
equivalent value, respectively. The Rule of Mixtures also predicts density, tensile strength, thermal
conductivity, or electrical conductivity. This simple approximation is further improved by
considering certain idealized assumptions on the microstructure of the composites, such as inclusion
shape, distribution, orientation. Moreover, the Hashin-Shtrikman model [1] was also proposed as a
modified technique for these methods. Although these methods can roughly predict the effective
properties of complicated microstructures, they usually simplify the microstructures and thus do not
reflect the actual structures in detail.
A theoretical approach is proposed on micromechanics theories based on Eshelby’s average
strain estimation for a structure composed of an ellipsoidal inclusion embedded in an infinite
medium [2]. The Eshelby’s method is available when interactions among inclusions are negligible.
Further, the Mori-Tanaka mean-field [3] and self-consistent methods [4] are also well known as
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micromechanics. Although these methods can predict the effective properties of composite
microstructures based on the theoretical understanding, they are usually limited to certain structures
and thus are not versatile for wide varieties of actual structures.
A more direct approach is based on computational simulations of microstructures with idealized
geometries or actual microstructures obtained by 3D observations. For the computational
simulations of the idealized models, various RVE generation methods are proposed by using simple
space-filling geometries, such as hexahedral, truncated rhombic dodecahedral, rhombo hexagonal
dodecahedral, and cube-and-spheres [5]. These geometries can be created by common computeraided design (CAD) software. For example, sintered closed- or open-porous materials for electronics
interconnections are evaluated by the FE simulations of the models obtained by the idealized
computational modeling [6], 3D image-based reconstruction methods [7]–[11], and computer 3D
tomography [12], [13]. These computational approaches can be a powerful tool to predict the
mechanical and thermal conductive properties of NC and MC interconnections.
In this chapter, FE simulations of a simplified RVE model were carried out to predict the NC
and MC interconnection materials characteristics. The impacts of morphology and material
properties on equivalent characteristics are thoroughly discussed. Furthermore, the obtained results
are verified by comparing previous researches. Based on this prediction method, unique promising
NC and MC candidates are proposed.

2.2. FE method for RVEs of composites
2.2.1. FE model
Mechanical and thermal FE simulations of RVEs of matrix-dilute inclusion and bicontinuous
composites, as described in Section 1.3, Chapter 1, were performed using Ansys Workbench 18.2.
A cubic 3D FE model was set up using 3 × 3 × 3 repeating RVEs, as shown in Fig. 2.1 (a). Fig. 2.1
(b) shows the RVE dimensions, which is composed of three regions: Truncated rhombic
dodecahedron with all equal-length sides (Region A), square prism facing to the square-face of
Region A (Region B), and a body filling the other RVE space. An RVE has a dimension of the RVE
side length, a, and the distance between the square faces of the truncated rhombic dodecahedron, d.
The d/a is used for an RVE shape parameter to change the volume fraction Vf of each region in the
FE models. Based on this model, the matrix-dilute inclusion and bicontinuous composites are
represented by choosing either matrix or inclusion (pore) for each region, as shown in Table 2.1. In
the matrix-dilute inclusion composites category, matrix-particle composites are presented by the
model consisting of the Region A of inclusions, and the Regions B and C of the matrix. Closed36

porous materials are presented by the model consisting of the Region A of pores, and the Regions B
and C of the matrix. In the bicontinuous composites category, matrix-skeleton composites are
presented by the model consisting of Regions A and B of inclusions, and the Region C of the matrix.
Open-porous materials are presented by the model consisting of the Regions A and B of pores, and
the Region C of the matrix. By using this modeling method, various NC and MC materials are
formed by using this simple common model.

(a)

(b)

Fig. 2.1. (a) FE model using 3 × 3 × 3 repeating RVEs, and (b) a constituent RVE, which is composed
of three regions: Region A; truncated rhombic dodecahedron with all equal-length sides, Region B;
square prism facing to the square-face of Region A, and Region C; region filling the remaining RVE
space. An RVE has a dimension of the side length of an RVE, a, and the distance between the square
faces of a Region A, d. The d/a is varied as an RVE shape parameter.
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Table 2.1. FE models of matrix-dilute inclusion and bicontinuous composites
Category

Subcategory

Constituents

Matrix-dilute

Matrix-particle

inclusion

composites

Model

Region A

Region B

Region C

Inclusion

Matrix

Matrix

Pore

Matrix

Matrix

Inclusion

Inclusion

Matrix

Pore

Pore

Matrix

example

composites
Closed-porous
materials

Bicontinuous

Matrix-

composites

skeleton
composites
Open-porous
materials

2.2.2. Mechanical FE simulations
The equivalent Young’s modulus of the composites is calculated by mechanical FE simulations.
The Young’s modulus of the matrix and inclusions are Em and Ei, respectively. The Poisson’s ratio
of all materials are 0.33. Volume fraction of the particles, skeleton, or pores, Vf, are varied by
changing the d/a of the model. In the closed- or open-porous materials, the Young’s modulus of the
pore-region is zero. The 1/8 model was used for FE analysis considering the symmetry conditions.
Ideal contact was assumed between all the interfaces. An external displacement, u, along the x-axis,
equivalent to the macroscopic strain of 0.1%, was applied to the yz-surface of the FE model, as
shown in Fig. 2.2. The equivalent Young’s modulus E* was calculated from the displacement u and
the averaged reaction force F on the surface subjected to external displacement, using the following
equations:

𝜎=

𝐹
𝑢
= 𝐸∗ ∙ ε = 𝐸∗ ∙ ,
𝐴
𝐿

(2.2)

where σ is tensile stress. A (= L2) is the cross-sectional area. L is the size of the cubic model.
Therefore,
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𝐸∗ =

𝐹
.
𝑢∙𝐿

(2.3)

Normalized equivalent Young’s modulus, E*/Em, are used to discuss the impacts of the geometries
and the constituent properties on the composite properties. The ratio between Young’s modulus of
the matrix and inclusions, Ei/Em, is used as a matrix-inclusion properties parameter.

Fig. 2.2. Conditions of mechanical FE simulation.

2.2.3. Thermal FE simulations
Equivalent thermal conductivity of the composites is calculated by steady-state thermal FE
simulations. The thermal conductivity of the matrix and inclusions are λm and λi, respectively. The
volume fraction of the particles, skeleton, or pores, Vf, are varied by changing the d/a of the model,
the same as the mechanical FE simulations. In the closed- or open-porous materials, the thermal
conductivity of the pore-region is zero. Ideal contact was assumed between all the interfaces.
Schematic conditions of thermal FE simulations are shown in Fig. 2.3. A constant heat flow Q flows
into a base block at one yz-surface, and flows out the other base block at the other yz-surface, along
the x-axis. A homogeneous constant temperature T0 is set on the base block at the yz-surface, where
the heat flow Q flows out. An average temperature T as an output parameter is obtained on the other
base block at the other yz-surface, where Q flows in. All other surfaces are set in symmetric
boundary conditions. The equivalent thermal conductivity λ∗ was calculated from the heat flow Q
and the average temperature T, using the following equations:

𝑞∙

𝐿 𝐿
+
𝜆∗ 𝜆

=

𝑄 𝐿 𝐿
∙
+
𝐴 𝜆∗ 𝜆

= Δ𝑇,

(2.4)

where q is heat flux, A (= L2) is the heat transfer area, L is the heat transfer distance within the RVE,
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Lbase is the heat transfer distance within the base, λbase is the thermal conductivity of the base, and
ΔT is the temperature difference between input- and output-surfaces (T - T0). Therefore,

𝜆∗ =

𝐿 ∙𝜆

𝑄∙𝐿∙𝜆
∙ 𝑇−𝑇 −𝑄∙𝐿

.

(2.5)

Normalized equivalent thermal conductivity, λ∗/λm, is used to discuss the impacts of the geometries
and the constituent properties on the composite properties. The ratio between thermal conductivity
of the matrix and inclusions, λi/λm, is used as a matrix-inclusion properties parameter.

Fig. 2.3. Conditions of steady-state thermal FE simulation.

2.3. Results of FE analysis for RVEs of composites
2.3.1. Mechanical properties of composite materials
Figs. 2.4 and 2.5 show FE model examples of matrix-dilute inclusion and bicontinuous
composites, respectively. In the RVE model used in this study, the volume fraction of inclusions Vf
is geometrically decided to be lower than 50% in these models. The Young’s modulus of the
inclusions can be chosen to be higher or lower than that of the matrix, intending reinforcement or
stiffness-reduction, respectively. Furthermore, the Young’s modulus of the pores is assumed to be
zero.
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(a) Vf = 0.1%, d/a = 0.10

(b) Vf = 3.3%, d/a = 0.40

(d) Vf = 37.3%, d/a = 0.90

(e) Vf = 48.2%, d/a = 0.98

(c) Vf = 17.6%, d/a = 0.70

Fig. 2.4. Examples of the matrix-dilute inclusion model RVEs with a volume fraction of the
inclusions of (a) 0.1, (b) 3.3, (c) 17.6, (d) 37.3, and (e) 48.2%, respectively, where the light-blue
region shows matrix, and the pink region shows inclusions.

(a) Vf = 0.3%, d/a = 0.10

(b) Vf = 5.7%, d/a = 0.40

(d) Vf = 39.4%, d/a = 0.90

(e) Vf = 48.7%, d/a = 0.98

(c) Vf = 21.3%, d/a = 0.70

Fig. 2.5. Examples of the bicontinuous model RVEs with a volume fraction of the inclusions of (a)
0.3, (b) 5.7, (c) 21.3, (d) 39.4, and (e) 48.7%, respectively, where the light-blue region shows matrix,
and the pink region shows inclusions.
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The normalized equivalent Young's modulus E*/Em for the matrix-dilute inclusion model and the
bicontinuous model with varying stiffness ratio Ei/Em is shown in Figs. 2.6 (a) and (b), respectively.
The Ei/Em is set from 1 × 10-2 to 1 × 102 including zero. When the Ei/Em was greater than one, the
E*/Em of the bicontinuous model was larger than that of the matrix-dilute inclusion model. Moreover,
the E*/Em difference of both models was larger when the Ei/Em was larger. Based on these results, it
was suggested that the morphology significantly affects the equivalent modulus if the Young’s
modulus of the inclusions is more than two orders of magnitude greater than that of the matrix.
Conversely, when the Ei/Em was less than one, the E*/Em difference for each model was slight. In
other words, the morphology had little effect on the equivalent modulus. Moreover, the E*/Em of the
models with Ei/Em = 0 was almost identical to the E*/Em of the models with Ei/Em = 1 × 10-2. It was
suggested that the equivalent modulus of the porous materials was identical to that of the composites
including the inclusions more than two orders of magnitude lower than that of the matrix.

(a)

(b)
Fig. 2.6. Relationship between normalized equivalent modulus (E*/Em) and volume fraction of
inclusions (Vf) of (a) matrix-dilute inclusoin model and (b) bicontinuous model, where Ei/Em is 1 ×
102, 1 × 101, 1 × 100, 1 × 10-1, 1 × 10-2, and zero, respectively.
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(a) Ei/Em > 1
The normalized equivalent Young’s modulus (E*/Em) was calculated in the case of Ei/Em = 1 ×
102, as shown in Fig. 2.7. The calculated lines by Voigt and Reuss models are also shown. The E*/Em
of both models is monotonically increased by the increase of Vf. All the calculated values existed
between the Voigt line (upper bound) and the Reuss line (lower bound) in the entire Vf range.
Additionally, the E*/Em of the bicontinuous model was always higher than the matrix-dilute
inclusion model. This is because the bicontinuous model had relatively large load-carrying volumes
parallel to the load-direction, compared to the matrix-dilute inclusion model. Moreover, the bracelike skeletal structure was inferred to further enhance the reinforcement effect. Therefore, a
continuous skeleton-shaped inclusion would be more suitable to reinforce the matrix materials.
Fig. 2.8 shows the local distribution of equivalent stress and elastic strain in these simulations.
Each model resulted in different stress and strain distributions. In the matrix-dilute inclusion model,
overall low stress was shown, and the local-high strain was observed in the matrix. Conversely, in
the bicontinuous model, high stress was observed in the inclusion, and the overall low strain was
shown. The inclusion in the bicontinuous model mainly carried the load, which was also inferred by
the higher equivalent Young’s modulus than the matrix-dilute inclusion model. Based on these
results, the matrix-dilute inclusion model and the bicontinuous model were suggested to provide a
stress- and strain-reduction effect, respectively, in the case of the Ei/Em > 1.

Fig. 2.7. Relationships between normalized equivalent modulus (E*/Em) and volume fraction of
inclusions (Vf) of matrix-dilute inclusion and bicontinous models, where Ei/Em is 1 × 102.
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Fig. 2.8. Local distribution of equivalent stress and strain in (a) matrix-dilute inclusion model and
(b) bicontinuous model with the inclusion of Ei/Em = 1 × 102.
(b) Ei/Em < 1
Next, the normalized equivalent Young’s modulus (E*/Em) was calculated in the case of Ei/Em =
1 × 10-2, as shown in Fig. 2.9. The calculated lines by Voigt and Reuss models are also shown. The
E*/Em of both models was linearly reduced by the increase in the Vf. As in the case of Ei/Em = 1 ×
102, all the calculated values existed between the Voigt line (upper bound) and the Reuss line (lower
bound) in the entire Vf range. However, in contrast to the case of Ei/Em = 1 × 102, the difference
between both models was slight. In composites containing low stiffness inclusions, the effect of the
inclusion morphology on the composite was found to be relatively minor compared to the
composites with high stiffness inclusions, as described above. Therefore, it was suggested that the
low-stiffness-inclusion volume fraction primarily dominates the composite stress relaxation
properties.
Fig. 2.10 shows the local distribution of equivalent stress and elastic strain in these simulations.
Each model resulted in different stress and strain distributions. In the matrix-dilute inclusion model,
continuous-high stress was observed parallel to the loading direction in the matrix, and the
intermittent-high strain was shown in the inclusion. In contrast, in the bicontinuous model, the
intermittent-high stress was observed in the matrix, and the continuous-high strain was shown in the
inclusion. Based on these results, the matrix-dilute inclusion model and the bicontinuous model
were suggested to provide a strain- and stress-dispersion effect, respectively, in the case of Ei/Em <
1.
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Fig. 2.9. Relationships between normalized equivalent modulus (E*/Em) and volume fraction of
inclusions (Vf) of matrix-dilute inclusion and bicontinous models, where Ei/Em is 1 × 10-2.

Fig. 2.10. Local distribution of equivalent stress and strain in (a) matrix-dilute inclusion model and
(b) bicontinuous model with the inclusion of Ei/Em = 1 × 10-2.
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2.3.2. Thermal properties of composite materials
The normalized equivalent thermal conductivity (λ*/λm) for the matrix-dilute inclusion and
bicontinuous models was calculated with varying ratio λi/λm as shown in Figs. 2.11 (a) and (b),
respectively. The λi/λm is set from 1 × 10-2 to 1 × 102 including zero. The λ*/λm of both the matrixdilute inclusion and bicontinuous models showed a similar relationship to the E*/Em, as mentioned
in Section 2.3.1. The λ*/λm of the bicontinuous model was larger than that of the matrix-dilute
inclusion model when the λi/λm was greater than one, while the difference of the λ*/λm of each
model was slight when the λi/λm was less than one. Furthermore, the λ*/λm of the models with λi/λm
= 0 was almost identical to theλ*/λm of the models with λi/λm = 1 × 10-2. This suggests that the
equivalent thermal conductivity of the porous materials was identical to that of the composites
including the inclusions more than two orders of magnitude lower than that of the matrix. These
understandings were the same for the E*/Em.

(a)

(b)
Fig. 2.11. Relationship between normalized equivalent thermal conductivity (λ*/λm) and volume
fraction of inclusions (Vf) of (a) matrix-dilute inclusion model and (b) bicontinuous model, where
λi/λm is 1 × 102, 1 × 101, 1 × 100, 1 × 10-1, 1 × 10-2, and zero, respectively.
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(a) λi/λm > 1
The normalized equivalent thermal conductivity (λ*/λm) was calculated in the case of λi/λm = 1
× 102, as shown in Fig. 2.12. The calculated lines by Voigt and Reuss models are also shown. The
increase in the Vf monotonically increased the λ*/λm of both models. All the calculated values existed
between the Voigt line (upper bound) and the Reuss line (lower bound) in the entire Vf range.
Furthermore, the λ*/λm of the bicontinuous model was always higher than the matrix-dilute inclusion
model. This is because the bicontinuous model had relatively large conductive paths parallel to the
heat flow direction, compared to the matrix-dilute inclusion model.
The local distributions of temperature and heat flux along the x-axis are shown in Figs. 2.13 (a)
and (b), respectively. Each model resulted in different temperature and heat flux distributions, which
indicated the important roles of the inclusions within both models microscopically. In the matrixdilute inclusion model (Fig. 2.13 (a)), the inclusions temperature was lower than the matrix
temperature and the inclusions heat flux was higher than the matrix heat flux on the heat-input
surface. Alternatively, the bicontinuous model (Fig. 2.13 (b)) showed the same tendency as the
matrix-dilute inclusion model, i.e., the temperature of the inclusions was lower than that of the
matrix on the heat input surface and the heat flux of the inclusions was higher than that of the matrix.
However, when comparing the two models, marked differences were found. That is, the temperature
change along the x-axis was clearly less and the heat flux in the inclusions was clearly larger in the
bicontinuous model than in the matrix-dilute inclusion model. These results indicated that the effect
of high thermal conductivity inclusions on the equivalent thermal conductivity was more
pronounced in the bicontinuous model.

Fig. 2.12. Relationships between normalized thermal conductivity (λ*/λm) and volume fraction of
inclusions (Vf) of matrix-dilute inclusion and bicontinous models, where λi/ λm is 1 × 102.
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Fig. 2.13. Local distribution of temperature and heat flux along the x-axis in (a) matrix-dilute
inclusion model and (b) bicontinuous model with the inclusion of Ei/Em = 1 × 102.
(b) λi/λm < 1
Next, normalized equivalent thermal conductivity (λ*/λm) was calculated in the case of λi/λm =
1 × 10-2, as shown in Fig. 2.14. The calculated lines by the Voigt and Reuss models are also shown.
The λ*/λm of both models were reduced by the increase in the Vf in a roughly inverse proportion. As
in the case of λi/λm = 1 × 102, all the calculated values existed between the Voigt line (upper bound)
and the Reuss line (lower bound) in the entire Vf range. However, in contrast to the λi/λm = 1 × 102
case, the difference between both models was slight. In composites containing low thermal
conductivity inclusions, the effect of the inclusion morphology on the composites conductive
characteristic was found to be relatively minor. Therefore, it was suggested that the volume fraction
of the low thermal conductivity inclusions primarily dominates the equivalent thermal conductive
properties of the composites.
The local distributions of temperature and heat flux along the x-axis are shown in Figs. 2.15 (a)
and (b), respectively. Differences in the temperature and heat flux distributions between both models
were slight. In both the matrix-dilute inclusion model (Fig. 2.15 (a)) and the bicontinuous model
(Fig. 2.15 (b)), the inclusions temperature was higher than the matrix temperature, and the inclusions
heat flux was lower than the matrix heat flux on the heat-input surface. These results suggested that
the matrix contributed as the main heat transfer pathway regardless of the inclusion morphology.
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Fig. 2.14. Relationships between normalized thermal conductivity (λ*/λm) and volume fraction of
inclusions (Vf) of matrix-dilute inclusion and bicontinous models, where λi/ λm is 1 × 10-2.

Fig. 2.15. Local distribution of temperature and heat flux along the heat-input direction in (a) matrixdilute inclusion model and (b) bicontinuous model with the inclusion of Ei/Em = 1 × 10-2.
2.3.3. Brief summary of FE analysis
Computational calculations using simplified RVE models representing the matrix-dilute
inclusion and bicontinuous composites were performed to predict the NC and MC microstructure
characteristics for electronics interconnection, as described in Sections 2.3.1 and 2.3.2. In these
analyses, the impacts of Vf and Ei/Em or λi/λm on the effective Young's modulus or thermal
conductivity were evaluated. The results revealed similar trends in effective Young's modulus and
thermal conductivity from a macroscopic perspective. When the inclusion properties were greater
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than those of the matrix, the inclusion effect on the equivalent properties was more pronounced for
bicontinuous composites. Conversely, when the inclusion properties were less than those of the
matrix, the inclusion effect on the equivalent properties was nearly the same for both composites.
In addition, local stress and strain distributions, or temperature and heat flux distributions
suggested the inclusions effect on the equivalent composites characteristics. In the matrix-dilute
inclusion model, the hard and soft inclusions provided a stress-reduction effect and a straindispersion effect, respectively. Conversely, in the bicontinuous model, the hard and soft inclusions
provided a strain-reduction effect and a stress-dispersion effect, respectively. Regarding thermal
conductivity, the high-conductivity inclusions improved the equivalent thermal conductivity,
especially for bicontinuous composites. Alternatively, the matrix contributed as the main heat
transfer pathway within the composites with the low-conductivity inclusions, regardless of the
inclusions morphology.

2.4. Discussion
2.4.1. Verification of FE analysis for RVEs of composites
The FE analysis of composites RVEs suggested the effects of the properties and the morphology
of the inclusions on the equivalent composite properties. The FE analysis is expected to predict the
properties of various composite materials. Here, the equivalent Young’s modulus and thermal
conductivity of sintered porous Ag material were calculated as an example of a promising
interconnection material.

(a) Equivalent Young’s modulus
First, the equivalent Young’s modulus of porous Ag materials was calculated. The bicontinuous
model was used with a Young’s modulus of 83 GPa for bulk Ag. Carr et al. [8] reported the
quantitative characterization of porosity and determination of Young’s modulus for sintered porous
Ag material. They demonstrated the experimental and computational values of the equivalent
Young’s modulus by considering the realistic microstructure obtained by utilizing segmented 3D
images. Suzuki et al. [10] evaluated the equivalent Young’s modulus of sintered porous Ag material
by a bending test of sintered Ag films. Moreover, the various analytical approximation methods of
equivalent modulus for porous materials were proposed. Ramakrishnan and Arunachalam [14]
proposed the analytical approximation equation for porous solids (R-A model), as follows:
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𝐸∗ = 𝐸

(1 − 𝑉 )
,
1+𝑘 ∙𝑉

(2.6)

where kE is described, as follows:
𝑘 = 2 − 3𝜈 ,

(2.7)

where νm (= 0.37) is the Poisson’s ratio of matrix material as bulk Ag. Youssef et al. [15] estimated
the modulus by both numerical and analytical approaches. The equivalent Young’s modulus of
porous Ag was numerically calculated by utilizing the 3D image-based models. The calculated
values were compared with the analytically obtained values by the power-law formula, which is one
of the analytical approximation methods, as follows:
𝐸 ∗ = 𝐸 × (1 − 𝑉 ) ,

(2.8)

where m is the empirically-determined coefficient of 0.463 for porous Ag.
The relationship between equivalent Young’s modulus E* and pores volume fraction Vf of
sintered porous Ag material, obtained by FE simulation of the bicontinuous model in this study, has
FE simulation [8], [15], experimental [8], [10], and analytical calculation [14], [15] shown in Fig.
2.16. The calculated values by the bicontinuous model in this study showed a similar tendency to
the references, where the equivalent Young’s modulus was reduced with an increased pores volume
fraction. In comparison with the experimental results, the calculated values in this study were higher.
It is well known that the equivalent Young’s modulus can be predicted by only the pores volume
fraction; however, the differences in the simulation and experimental values increased with
increased Vf. It indicated that the difference between the real morphology and the simplified
regularly arranged morphology of the FE model should be considered for the sintered porous
material with a high pores volume fraction.
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Fig. 2.16. Relationship between equivalent Young’s modulus E* and pores volume fraction Vf of
sintered porous Ag material, obtained by FE simulation of bicontinuous model in this study, FE
simulation [8], [15], experimental [8], [10], and analytical calculation [14], [15].
(b) Equivalent thermal conductivity
Next, the equivalent thermal conductivity of porous Ag materials was calculated. The
bicontinuous model was used with the thermal conductivity of 429 W/m∙K for bulk Ag. Many
researchers reported the equivalent thermal conductivity of sintered porous Ag materials with a
varying pores volume fraction by experiments [15]–[20]. Furthermore, numerical simulation was
also evaluated. Signor et al. [21] predicted the equivalent thermal conductivity of sintered porous
Ag with varying porosity by the FE simulations of the real 3D morphologies by utilizing segmented
3D images. Moreover, analytical approximation approaches were also evaluated. El Moumen et al.
[22] demonstrated the utilization of the Maxwell-Eucken model for approximation of the equivalent
thermal conductivity of porous Ag, as follows:

𝜆∗ = 𝜆

2𝜆 + 𝜆 − (2𝜆 − 𝜆 ) ∙ 𝑉
,
2𝜆 + 𝜆 + (𝜆 − 𝜆 ) ∙ 𝑉

(2.9)

where λi is assumed to be zero. Youssef et al. [15] utilized the power-law formula with the empirical
coefficient of n = 1.45 for sintered porous Ag, as follows:
𝜆∗ = 𝜆 × (1 − 𝑉 ) .

(2.10)

The relationship between equivalent thermal conductivity λ* and pores volume fraction Vf of
sintered porous Ag material, obtained by FE simulation of the bicontinuous model in this study, has
FE simulation [21], experimental [15]–[20], and analytical calculation [6], [15] shown in Fig. 2.17.
The calculated values by the bicontinuous model in this study agreed well with the other numerical
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and analytical calculation results in the references, where the equivalent thermal conductivity
reduced with an increased pores volume fraction. However, the experimental values were lower than
these calculated values, especially in the region of the pores high volume fraction. The FE results
using the simplified model in this study are in good agreement with the results using the realistic
3D model in Ref. [21]. Based on this comparison, the experimental thermal conductivity would be
affected by the metallurgical characteristics of the inherent nanoparticle-sintered microstructure,
e.g., fine grains and numerous grain boundaries, which should be discussed further.
Based on the verification as mentioned above, the FE analysis for RVEs of composites in this
study was suggested to be helpful to roughly estimate the equivalent properties of NC and MC
interconnection materials although the morphology and metallurgical properties should be further
discussed for improved prediction precision.

Fig. 2.17. Relationship between equivalent thermal conductivity λ* and pores volume fraction Vf of
sintered porous Ag material, obtained by FE simulation of bicontinuous model in this study, FE
simulation [21], experimental [15]–[20], and analytical calculation [6], [15].

2.4.2. Candidates of NC and MC materials for power electronics interconnection
In this section, we intended to derive promising material combinations that could be used for
power electronics interconnections. Monolithic interconnection materials must be compromised to
satisfy the various favorable properties—low Young’s modulus, high thermal conductivity, high
tensile strength, and high durable temperature, as shown in Table 2.2. Currently, Pb-5Sn solder is a
conventional monolithic material that meets these requirements to some extent, although its use
should be restricted because of the large environmental load of Pb. However, tailored NC and MC
materials would meet these requirements at a higher level. In Section 1.3, it is evident that Young’s
modulus, thermal conductivity, and tensile strength have a positive correlation with material durable
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temperature in existing monolithic materials. Furthermore, thermal conductivity and Young’s
modulus also tend to be positively correlated. Therefore, material combinations tailored to these
requirements would be attractive to the applications.
Constituent candidates for NC and MC interconnection, especially for high-temperature power
electronics, are listed as follows:


Solder alloy,



heat-resistant polymer,



sintered metal,



transient liquid phase sintered IMC.

These constituent candidates are being researched, usually as monolithic materials. However, the
hybridization of these monolithic materials has great potential to extend the range of properties.
Young’s modulus, thermal conductivity, tensile strength, and durable temperature of the
representative monolithic materials are listed in Table 2.3. The durable temperature was defined as
the melting point for pure metal and solder alloy, the phase transformation temperature for IMC,
and decomposition temperature for polymer in this study. From these candidates, Cu, Sn-3Ag-0.5Cu
(SAC305), Cu6Sn5, and polyimide resin were selected from the perspective of cost, being lead-free,
and versatility for electronics interconnection. In addition, sintered porous materials of Ag or Cu,
i.e., composites with pores embedded in a high thermally conductive and rigid matrix, were also
investigated.
Table 2.2. Favorable properties for interconnection materials, corresponding to the requirements
for power electronics interconnections.
Mechanical requirements for

Favorable properties

power electronics interconnections
Heat dissipation performance



High thermal conductivity

Interconnection reliability



Low Young’s modulus



High strength



High-temperature tolerance



Low Young’s modulus

Stress-relaxation for power chips
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Table 2.3. Young’s modulus, thermal conductivity, and durable temperature of the representative
monolithic materials for high-temperature interconnections, referred from Table 1.1 in Section 1.3.
Young’s
modulus
E [GPa]

Thermal
conductivity
λ [W/m∙K]

Tensile
strength
σUTS [MPa]

Durable
temperature*
TD [°C]

Ag

83

429

124

962

Cu

100

401

213

1085

SAC305

31

55

52

218

Pb-5Sn

35

23

18

310

Au-20Sn

68

57

275

280

IMC

Cu6Sn5

102

45

1130

415

Polymer

Polyimide

3

0.2

350

410

Category

Material

Pure metal

Solder alloy

*Melting point for pure metals and solder; phase transformation temperature for IMC,
decomposition temperature for polymer.
(a) Young’s modulus and thermal conductivity
For these selected candidate materials, equivalent Young’s modulus and thermal conductivity
were numerically calculated by using the bicontinuous RVE model, as described in Section 2.3. The
bicontinuous model was used, which is expected to further improve the properties by inclusions.
Additionally, those values of closed-porous materials were calculated by the matrix-dilute inclusion
RVE model. The volume fraction Vf of the inclusions and the pores ranged from 20 to 60%, and
from 3 to 20%, respectively. The material combinations of the evaluated composites are described
as (Matrix, Inclusion), as follows: (Ag, open pore), (Ag, closed pore), (Cu, open pore), (Cu, closed
pore), (Cu6Sn5, Cu), (SAC305, Cu), (SAC305, Cu6Sn5), (polyimide, Cu), (polyimide, Cu6Sn5), and
(polyimide, SAC305).
The relationship between the equivalent thermal conductivity and Young’s modulus of
representative NC and MC interconnection materials, accompanying the representative monolithic
materials, is shown in Fig. 2.18. The area in Fig. 2.18 is divided into four quadrants by the blue lines
of the thermal conductivity and Young’s modulus of Pb-5Sn solder, which can be considered as a
criteria of high-temperature interconnection materials. Promising materials are required to have high
thermal conductivity, low stiffness, or both. The first quadrant includes materials with high thermal
conductivity; the third quadrant includes materials with low stiffness; the fourth quadrant includes
materials with both high thermal conductivity and low stiffness. It was found that the porous
material, although rigid, can be expected to have very high thermal conductivity. The difference
between the open-porous and closed-porous materials is slight. In particular, it was suggested that
the porous Ag material has lower stiffness and more desirable properties compared to Cu. The
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combination of Cu6Sn5 and Cu, generally obtained with pressure-assisted TLPS, was estimated to
have relatively good thermal conductivity of 100–200 W/m∙K. However, it was suggested that the
very high stiffness of this combination was not suitable for power electronics interconnection with
high thermal strain. When SAC305 was used as the matrix, relatively high thermal conductivity and
low stiffness were expected when Cu was added as the inclusions. When polyimide was used as the
matrix, all composites were found to have remarkably low stiffness; therefore, a high stress
relaxation property was expected. Moreover, Cu as the inclusion to compensate for the extremely
low polyimide thermal conductivity would be helpful.

Fig. 2.18. Equivalent thermal conductivity and Young’s modulus of representative monolithic and
composite materials, as shown by (Matrix, Inclusion). The values of the composite materials were
calculated by FE analysis of the bicontinuous RVE model. Additionally, those of closed-porous
materials were calculated by the matrix-dilute inclusion RVE model. The volume fraction Vf of the
inclusions and the pores were ranged from 20 to 60%, and from 3 to 20%, respectively.
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(b) Strength
The Rule of Mixtures is applied to an equivalent composite strength [23]. The fracture strain of
a continuous stiff inclusion is usually smaller than that of a soft matrix. In this case, the composite
would fracture when the continuous inclusion fractures. The matrix stress at the inclusion fracture
𝜎 ′ is described as follows:
𝜎 =𝐸 𝜀,,

(2.11)

where 𝜀 , is the fracture strain of the inclusion. Eqs. 2.1 and 2.11 lead to the equivalent strength

σ∗, as follows:
𝜎 ∗ = 𝜎 𝑉 + 𝜎 (1 − 𝑉 ),

(2.12)

where 𝜎 is the inclusion strength. Therefore,
𝜎 ∗ = 𝜎 𝑉 + 𝐸 𝜀 , (1 − 𝑉 )

(2.13)

is obtained.
For rough estimation, the equivalent strengths of these NC and MC candidates were calculated
by Eq. 2.13, where the 𝜀 , was assumed to be 0.1%. The relationship between the equivalent
strength and Young’s modulus of representative NC and MC interconnection materials,
accompanying the representative monolithic materials, is shown in Fig. 2.19. The area in Fig. 2.19
is divided into four quadrants by the blue lines of the strengths and Young’s modulus of Pb-5Sn
solder. High strength and low stiffness properties, presented in the fourth quadrant, would be
favorable to power electronics interconnections, suggested by the analytical calculations above.
Based on this consideration, the reinforced polyimide composites, i.e., (Polyimide, Cu) and
(Polyimide, Cu6Sn5) would be promising. Additionally, (SAC305, Cu) and (SAC305, Cu6Sn5) could
be hopeful because of the high strength and relatively low stiffness.
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Fig. 2.19. Equivalent strength and Young’s modulus of representative monolithic and composite
materials, as shown by (Matrix, Inclusion). The values of the composite materials were calculated
by FE analysis of the bicontinuous RVE model for Young’s modulus and the Rule of Mixtures for
strength. Additionally, those of closed-porous materials were calculated by the matrix-dilute
inclusion RVE model. The volume fraction Vf of the inclusions and the pores were ranged from 20
to 60%, and from 3 to 20%, respectively.
(c) Temperature tolerance
The homologous temperature of these NC and MC materials was evaluated. The homologous
temperature of NC and MC materials was defined as the ratio of the operating temperature to the
lower durable temperature of the constituent materials in Kelvin. The homologous temperatures of
the NC and MC materials assuming an operational temperature of 200 °C are shown in Fig. 2.20.
The porous Ag and Cu, the melting points of which are significantly high, have low Th; therefore,
high heat resistance can be expected. The Cu6Sn5 and polyimide resin, the durable temperatures of
which are more than 400 °C, were also expected to have similarly high heat resistance. Conversely,
the heat resistance at 200 °C would not be expected for the composites containing SAC305 due to
its low durable temperature. In terms of the homologous temperature, it was suggested that the NC
and MC materials composed of Cu, Cu6Sn5, or polyimide resin are promising as power electronics
interconnections above 200 °C.
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Fig. 2.20. Homologous temperature Th of NC and MC interconnection materials assuming an
operational temperature of 200 °C. The Th was defined as the ratio of the operating temperature to
the lower durable temperature of the constituent materials in Kelvin.
(d) Expected benefits and challenges
Considering the four favorable properties for power electronics interconnections, i.e., low
Young’s modulus, high thermal conductivity, high strength, and high-temperature tolerance, three
promising NC and MC candidates with different characteristics were found as follows:


Porous Ag material,



Cu-embedded solder composite,



Cu (and/or Cu6Sn5)-embedded polymer composite.

The estimated properties of these candidates are compared in Table 2.4. The porous Ag material was
estimated to provide high thermal conductivity, high strength, and highly durable temperature. It
should be beneficial to state-of-the-art high-temperature SiC power electronics interconnections.
However, high stiffness would be an issue for the porous Ag material. The thermo-mechanical
loading on a power chip and substrate due to thermal strain needs to be studied in detail.
The Cu-embedded solder composite was estimated to have moderately high strength and thermal
conductivity. It can replace conventional solders while improving joint properties. In the solderbased composite, however, the heat tolerance may be limited by the solder matrix. In particular, the
changes in metallurgical microstructure and the decrease in joint strength against thermal loading
should be discussed in detail.
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The Cu (and/or Cu6Sn5)-embedded polymer composite was estimated to have remarkably low
stiffness and high durable temperature. This would be promising for power electronics
interconnections, which require high stress-relaxation. Contrary, the polymer matrix would limit the
composite thermal conductivity and strength because of its poor properties. Therefore, thermal and
mechanical characteristics should be verified.
Table 2.4. Expected benefits of NC and MC candidates for power electronics interconnections.
NC and MC candidates

Favorable properties
Low Young’s

High thermal

modulus

conductivity

High strength

Hightemperature
tolerance

Porous Ag material

Cu embedded solder composite

Cu (and/or Cu6Sn5)-embedded
polymer composite

✓

✓

✓

✓

✓

✓

✓

2.5. Conclusions
In this chapter, equivalent Young’s modulus and thermal conductivity were estimated by FE
simulations using simplified RVE models representing the matrix-dilute inclusion composite and
the bicontinuous composite. The properties impacts and the volume fraction of inclusions on the
equivalent properties were discussed. Based on the FE simulations, it was suggested that the
bicontinuous morphology would further enhance the equivalent properties of NC and MC materials.
From this study, three promising NC and MC candidates with different characteristics were found,
as follows:
(a) Porous Ag material: Excellent thermal conductivity, durable temperature, and strength,
(b) Cu-embedded solder composite: Moderately high thermal conductivity and strength,
(c) Cu (and/or Cu6Sn5)-embedded polymer composite: Low stiffness and high durable
temperature.
The porous Ag material, Cu-embedded solder composite, and Cu-IMC-embedded polymer
composite are further researched in Chapters 3, 4, and 5, respectively.
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Chapter 3.

Sintered closed-porous Ag material
(Matrix-dilute inclusion composite)

3.1. Introduction
Chapter 2 suggests that the porous Ag material provides high thermal conductivity, high strength,
and highly durable temperature. It should be beneficial to state-of-the-art high-temperature SiC
power electronics interconnections. Contrary, the high stiffness of the porous Ag material would be
an issue against thermal strain. Excessive stiffness may lead to joint failure or fatal deformation.
Therefore, its mechanical characteristics and applicability to high-temperature interconnections
should be studied.
Some studies have reported the mechanical properties of sintered Ag materials [1]–[6]; however,
there have been few studies conducted on the effect of metallurgical and mechanical properties on
die-attach reliability. The authors have previously investigated the bonding reliability and fracture
behavior of a die-attach layer of sintered Ag joints for high-temperature power modules under
thermal cycling tests. We found that the die-attach layer achieved a bonding reliability superior to
that of conventional solder joints. Furthermore, cracks mainly propagated into sintered Ag joints [7].
Thus, it was determined that the metallurgical and mechanical properties of sintered Ag joints have
a great impact on bonding reliability.
In this chapter, we investigated the effects of the metallurgical and mechanical properties of
sintered Ag joints on bonding reliability. First, the metallurgical structure of sintered Ag materials
was observed using electron microscopy. Second, the mechanical properties of the sintered Ag
materials were evaluated using tensile tests of dumbbell-shaped sintered Ag films at elevated
temperature. Third, the temperature dependence of die-attach reliability was investigated using
thermal cycling tests of die-attached specimens composed of SiC power chips and DBC substrates
under various temperature conditions. In addition, the dependence of bonding reliability on the
microstructure was also examined. Finally, we determined the presumed fracture mechanism and
described its advantages and potential issues for power electronics interconnections.
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3.2. Experimental method
3.2.1. Tensile test of sintered Ag nanoparticles
A commercial Ag nanoparticle paste was used in this study. It was composed of Ag nanopaticles
of approximately 20 nm in diameter, covered with an organic protective layer in an organic solvent.
Ag nanoparticle paste was printed on a glass plate with the shape shown in Fig. 3.1. The paste was
dried at 130°C for 30 min, after which it was sintered at 260 °C for 90 s with a bonding pressure of
10 or 30 MPa between the glass plates. The thickness after sintering was approximately 50 μm. The
specimens were annealed at 350 °C for 1 h in N2 atmosphere after sintering in comparison with the
as-sintered specimens. Fabricated test specimens were removed carefully from the glass plate using
a cutter blade for tensile tests.
The tensile test specimens were investigated using a scanning electron microscope (SEM),
electron back-scatter diffraction analysis (EBSD), and a transmission electron microscope (TEM).
Center area of the cross section across the tensile test direction was observed. The volume fraction
of pores was obtained from the SEM images binarized using image editing software. The specimens
for TEM were prepared using electrochemical polishing and ion milling. The tensile specimens were
tested at 25, 100, 150, 180, 250, and 300 °C using a universal testing machine with an initial strain
rate of 10−3 /s. Three specimens of each type were tested. The fracture surfaces of the specimens
were observed with SEM.

3.2.2. Thermal cycling test of die-attached specimen
High-speed thermal cycling tests were performed to evaluate the die-attach reliability between
SiC power chips and DBC substrates composed of two 0.3-mm-thick Cu electrodes bonded to a 0.6mm-thick Si3N4 substrate. Fig. 3.2 shows the graphical illustration of the die-attached specimen for
the thermal cycling tests. The power chips with dimensions of approximately 10 mm × 10 mm × 0.3
mm were sintered on DBC substrates at 260 °C for 90 s with a bonding pressure of 10 or 30 MPa.
Die-attached specimens annealed at 350 °C for 1 h in N2 atmosphere were also prepared for
comparison with the as-sintered specimens. The thickness of the die-attached layer is approximately
50 μm.
The temperature profiles of the thermal cycling tests are shown in Fig. 3.3. The tests were
conducted at temperatures of Tmax = 200 °C and 250 °C with temperature amplitudes of ΔT = 150 °C.
The cross-section of the die-attached layer before/after thermal cycling tests were observed by SEM.
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Fig. 3.1. Schematic of a tensile test specimen.

Fig. 3.2. Illustration of a die-attached specimen.

Fig. 3.3. Thermal profile of a thermal cycle test with Tmax of 200 and 250 °C and ΔT of 150 °C.

3.3. Results
3.3.1. Microstructure of sintered Ag nanoparticles
Fig. 3.4 shows SEM images of the as-sintered tensile test specimens with bonding pressures of
30 and 10 MPa, and the 350-°C-annealed specimen after sintering at 10 MPa. The SEM images
indicate that coarse pores disappeared with increasing bonding pressure. In addition, the annealing
process produced coarsening of grains, coalescence of pores, and disappearance of minute pores.
The porosity of the as-sintered at 30 and 10 MPa, and the annealed specimens were 8, 16, and 19%,
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respectively.
The crystal structure of the as-sintered specimen at 30 and 10 MPa, and the 350-°C-annealed
specimen after sintering at 10 MPa were observed using EBSD and TEM. EBSD images as shown
in Fig. 3.5 revealed that the as-sintered specimen showed a nanocrystalline structure with a grain
size of approximately 150 nm, whereas the 350-°C-annealed specimen showed the grains of several
microns. Moreover, TEM images as shown in Fig. 3.6 revealed that a crystalline structure without
both apparent defects and inclusions was observed at the grain boundaries, and no unique structures
were detected from the bright-field images and the diffraction patterns around the grain boundaries.

Fig. 3.4. SEM images of an as-sintered specimen with a bonding pressure of (a) 30 MPa and (b) 10
MPa, and (c) specimen annealed at 350 °C after sintering at 10 MPa.
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Fig. 3.5. EBSD images of an as-sintered specimen with a bonding pressure of (a) 30 MPa and (b)
10 MPa, and (c) specimen annealed at 350 °C after sintering at 10 MPa.

Fig. 3.6. TEM images of (a) as-sintered specimen with a bonding pressure of 10 MPa and (b)
specimen annealed at 350 °C after sintering at 10 MPa. The insets show the diffraction patterns
around grain boundaries.
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3.3.2. Mechanical properties and fracture behavior
Tensile engineering stress–strain curves tested at room temperature (RT) are shown in Fig. 3.7.
The ductility of the as-sintered specimens was extremely low. Furthermore, the increase of bonding
pressure increased the tensile strength. The Young’s modulus of the as-sintered specimens with a
bonding pressure of 10 and 30 MPa were 9 and 11 MP, respectively. These values were remarkably
lower than the values estimated by the FE simulations in Chapter 2. Additionally, annealing at
350 °C increased the ductility and decreased the tensile strengths.
Fig. 3.8 shows the fracture surfaces of the specimens after tensile tests at RT. Dimpled fractures
were observed in both the as-sintered and annealed specimens. The dimple fracture size decreased
as the bonding pressure increased, which leads to increased tensile strengths. Furthermore, the
comparison between the as-sintered specimens and the annealed one showed that the correlation of
grain size to dimple size was clarified.
Tensile engineering stress–strain curves tested at elevated test temperatures are shown in Figs.
3.9 and 3.10, respectively. Tensile strengths decreased and elongation apparently increased as the
test temperature increased. Moreover, the tensile strengths with a bonding pressure of 10 MPa were
equivalent to that of 30 MPa at elevated temperature. Fig. 3.11 shows the fracture surface tested at
300 °C. Apparent dimples were not observed. In indicated that the fracture mode changed through
temperature variation.

Fig. 3.7. Tensile engineering stress–strain curves of the as-sintered specimen with a bonding
pressure of (a) 10 MPa and (b) 30 MPa, and the 350-°C-annealed specimen after sintering with a
bonding pressure of (c) 10 MPa and (d) 30 MPa with a strain rate of 1 × 10−3 /s at RT.
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Fig. 3.8. Fracture surfaces of the as-sintered specimen with a bonding pressure of (a) 30 MPa and
(b) 10 MPa, and (c) the specimen annealed at 350 °C after sintering at 10 MPa.

Fig. 3.9. Tensile engineering stress–strain curves of as-sintered specimen with a bonding pressure
of 30 MPa tested at RT, 100, 150, 180, 250, and 300 °C with a strain rate of 1 × 10−3 /s.
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Fig. 3.10. Tensile strength of as-sintered specimens with a bonding pressure of 10 or 30 MPa as a
function of test temperature from RT to 300 °C. Error bars represent the maximum and minimum
values of each test condition.

Fig. 3.11. Fracture surface of the as-sintered specimen with a bonding pressure of 10 MPa tested at
300 °C.
3.3.3. Fracture behavior of the die-attached specimens in thermal cycling tests
Fig. 3.12 shows SEM images of the cross section of die-attached layer bonded at 30 and 10 MPa,
and the one annealed at 350 °C after bonding at 30 MPa, after 8000 thermal cycles at the temperature
range of 100 °C to 250 °C. Undulated surface of a Cu electrode on a DBC substrate was observed
on each specimen. The as-sintered die-attached specimen bonded at 30 MPa, as shown in Fig. 3.12
(a), showed excellent joint reliability at such extreme high-temperature cycling, where only slight
vertical cracks were observed. This as-sintered joint of 30 MPa would maintain its favorable
interconnection even after 250-°C-thermal cycles. The result verified the applicability of the sintered
closed-porous Ag material to high-temperature SiC power electronics interconnections at 250 °C.
In contrast, the as-sintered specimen bonded at 10 MPa, as shown in Fig. 3.12 (b), showed vertical
cracks, pore expansion, and some horizontal cracks in places, which could impair its heat and
electrical dissipation performance. Furthermore, the annealed specimen bonded at 30 MPa, as shown
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in Fig. 3.12 (c), showed severe vertically-horizontally connected cracks. This result suggests the
validity of the as-sintered microstructure, i.e., the nanocrystalline and minute-pore-dispersed
microstructure.
In order to clarify the effect of the maximum temperature of the thermal cycling tests, the dieattached specimen bonded at 30 MPa was evaluated at the temperature range of 50 to 200 °C. The
result after 8000 cycles is shown in Fig. 3.13. A surface of a Cu electrode was observed to be almost
flat. It shows the Cu electrode hardly deformed during cycles at Tmax of 200 °C. Also, no cracks
were observed. The results shown in Fig. 3.12 (a) and Fig. 3.13 indicate that the elevation of test
temperature reduced crack resistance with plastic deformation of the sintered Ag layer and the Cu
electrode of the DBC substrate.

(a)

(b)

(c)
Fig. 3.12. Cross section of the as-sintered specimen with a bonding pressure of (a) 30 and (b) 10
MPa, and (c) the specimen annealed at 350 °C after bonding at 30 MPa and 8,000 thermal cycles at
100-250 °C.

Fig. 3.13. Cross section of the as-sintered specimen with a bonding pressure of 30 MPa after 8,000
thermal cycles at 50-200 °C.
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3.4. Discussion
3.4.1. Metallurgical and mechanical characteristics
The results of the tensile tests at RT, showing dimpled fracture behavior, indicated that plastic
deformation occurred from the microscopic mechanism of ductile cracking, although the stressstrain curves of the as-sintered specimens seemed brittle as shown in Fig. 3.7. In nanocrystalline
(grain size: ∼ 250 nm) and ultrafine-grained metals (grain size: 250 ∼ 1,000 μm), intragranular
dislocation activity is limited, and the grain-boundary shear is considered to be the main mechanism
of deformation [8]. A lack of strain hardening after an initial small deformation, which is known for
nanocrystalline and ultrafine-grained metals, leads to strain localization under tensile loads [8]–[10].
Thus, it is assumed that the sintered Ag materials exhibit inherent mechanical properties in
nanocrystalline metals.
Researchers reported the Young’s modulus of sintered porous Ag materials. Herboth et al. [1],
[2] obtained the Young’s modulus of 10–40 GPa by tensile tests of the as-sintered specimens, which
have the porosity of 3 and 15 vol%. Kraft et al. [6] showed the values ranged from 30–60 GPa by
nanoindentation method, where the specimens were sintered with a pressure ranged from 1 to 20
MPa. Kariya et al. [4] obtained the value of 22 GPa by tensile test using sintered Ag films. Suzuki
et al. [5] showed the values of 16–35 GPa by mechanical bending tests using the similar sintered
films. These experimental researches, including our study, provided a wide range of experimental
values of Young’s modulus, which are remarkably lower than the calculated value in Chapter 2. This
comparison indicates the impact of the inherent unclear mechanism of nanocrystalline sintered
porous Ag materials, which is of particular interest in future work.
The tensile tests at elevated temperatures revealed that the sintered Ag materials showed
apparent temperature-dependent mechanical properties. The temperature dependences of tensile
strengths and the transformation of fracture behavior to intergranular fracture with temperature
elevation are known in Ag [11], which indicating that intergranular fracture was also dominant for
the sintered Ag materials. In addition, the onset of creep deformation of sintered nano-Ag materials
[2], [4] and other fcc nanocrystalline metals, such as Cu [12], at RT caused by the Coble creep
deformation mechanism has been reported based on the finding of the temperature dependency and
the strain rate dependency. The sintered Ag materials in this research also might have shown the
creep deformation at low temperatures driven by intergranular diffusion.

3.4.2. Thermal cycling reliability
Based on the metallurgical and mechanical properties of the as-sintered and annealed specimens,
the bonding reliability through thermal cycling of die-attached joints were evaluated. The results
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showed the lower bonding pressure reduced crack resistant. Furthermore, the annealed specimen
showed obvious cracks propagated. These results indicate that the coalescence of pores and/or the
coarsening of grains decreased the die-attached reliability.
Thermal strains generated at the die-attached layer during thermal cycling tests were estimated
using a closed-form solution of the thermo-elastoplastic strains [13]. Based on this estimation, the
strain generated during thermal cycling tests with ΔT = 150 °C was found to be macroscopically
within the elastic region when the yield stress of the die-attached layer was above 16 MPa. In this
case, a maximum strain of 0.37% was estimated to have been generated during the thermal cycling
tests. The estimation supposed that the plastic deformation occurred over the entire area of the dieattached layer at ≥ 250 °C based on the results of the tensile tests. The estimation, which revealed
that the strain was within the elastic region at the temperature range of 50 °C to 200 °C, agreed with
the results of the thermal cycling tests; it showed no cracks. In addition, it was estimated that the
reduction of crack resistance was caused by plastic deformation at the temperature range of 100 °C
to 250 °C. From the perspective of the microstructure, it was supposed that coarse pores induced
fracture by stress concentration around them. Additionally, coarsening of grains through annealing
presumed to reduce the crack resistance because of the offset of creep deformation in contrast with
nanocrystalline metals.
Fig. 3.14 shows the presumed fracture mechanism based on the results of Figs. 3.12 and 3.13.
Submicron-sized pores are dispersed in the die-attached layer at initial state. At the heating step,
compressive strain occurs at the sintered Ag layer and the Cu electrode of the DBC substrate. During
these steps, the plastic deformation of the Cu electrode, which softens at > 200 °C, coincided with
the plastic deformation of the sintered Ag layer. At the following cooling step, tensile strain was
generated. The tensile strain was locally large because of the inhomogeneity of the plastic
deformation of the Cu electrode. Therefore, plastic deformation occurred locally in the sintered Ag
layer with the expansion of the pores. Repetitive thermal cycles increased the amount of plastic
deformation and the pore expansion as shown in Fig. 3.12. As a result, both vertical and horizontal
cracks occurred, since the expanded pores were connected.
Given the fracture mechanism, it is understandable through the thermal cycling tests that the
crack resistance was reduced by the increased amount of plastic deformation of the Cu electrode
arising from the increased test temperature or thermal stress. With regard to the microstructure, the
nanocrystalline structure and minute pore dispersion improve the bonding reliability, as mentioned
previously. To achieve greater bonding reliability at higher temperature, the inhibition of coarsening
of grains and pores, which might induce plastic deformation, would be important.
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Fig. 3.14. Schematic of the fracture mechanism of the die-attached layer during a thermal cycle test.
(a) Nanosized pores are dispersed in a sintered Ag layer at the initial state. (b) At the heating step,
plastic deformation of the Cu electrode and sintered Ag layer occur through compressive strain. (c)
At the cooling step, the generated strain is lower than tensile strain; however, expansion of pores
occurs locally. (d) Repetitive thermal cycles increase the amount of plastic deformation. (e) Both
vertical and horizontal cracks occur, since the expanded pores are connected. Moreover, coarse pores
and micro-sized grains reduce crack resistance.
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3.4.3. Advantages and potential issues
The characteristics of the sintered closed-porous Ag material revealed in this study are described,
as follows:


Young’s modulus of 10–60 GPa, provided in this study and Refs. [1], [2], [4]–[6],



thermal conductivity of 240 W/m·K [14],



strength of 70–110 MPa, obtained by tensile test of sintered films, and



durable temperature of 250 °C.

This material showed significantly high strength and was verified a high-temperature operation at a
maximum temperature of 250 °C. It was also found to have a lower stiffness than estimated from
the porosity. However, the mechanical properties with low elongation were revealed from a
macroscopic perspective. Additionally, from an industrial point of view, the high cost of Agnanoparticle paste and the complexity of this sintering method, which requires high pressures, are
assumed to be barriers to industrial applications. The advantages and potential issues of this material
can be described, as follows:




Advantages;


Excellent interconnection reliability and



excellent heat dissipation performance.

Potential issues;


High material cost.

Considering these features, the sintered closed-porous Ag materials would be appropriate to the
high-temperature interconnections, loaded by moderately low thermal strain, such as state-of-theart SiC power module die-attachments. Further expansion of applications of the sintered Ag
materials for electronics interconnections require simplified bonding process, such as pressureless
process, and lower cost bonding material. Additionally, further experimental investigation on the
impacts of the inherent nanocrystalline microstructure on the various properties is of particular
interest.

3.5. Conclusions
This chapter demonstrated the mechanical characteristics and applicability to power electronics
interconnections of the sintered closed-porous Ag material, fabricated by a sintering process at
260 °C with a bonding pressure of 10–30 MPa. Metallurgical and mechanical properties of this
material were investigated, and the die-attach reliability was tested under different thermal cycling
conditions. Nanocrystalline and coarsened microstructures were observed in the as-sintered and
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annealed state, respectively. TEM images showed a favorable crystalline structure along the grain
boundaries regardless of whether annealing took place. Tensile tests revealed that the as-sintered Ag
materials macroscopically showed low ductility compared with the annealed specimen at RT. The
Young’s modulus in the as-sintered state was lower than the estimated value in Chapter 2. Moreover,
temperature-dependent mechanical properties were revealed in the as-sintered specimens. It was
inferred that the as-sintered Ag materials showed the inherent mechanical properties of
nanocrystalline metals.
The as-sintered die-attached specimen bonded at 30 MPa showed excellent joint reliability under
thermal cycling test at a peak temperature of 250 °C, where only slight vertical cracks were observed.
The as-sintered joint of 30 MPa would maintain its favorable interconnection even after 250-°Cthermal cycles. Furthermore, no cracks were observed at 50–200 °C. These test results indicate that
the elevation of test temperature reduced crack resistance. Additionally, based on the comparison
between the as-sintered and annealed states, thermal cycling fracture mechanism of this material
was presumed. These evaluations suggest the favorable application of the porous Ag material to the
high-temperature interconnections, such as state-of-the-art SiC power module die-attachments.
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Chapter 4.

Metallic mesh-embedded solder composite
(Bicontinuous composite)

4.1. Introduction
Chapter 2 suggests the Cu-embedded solder composite was estimated to have high strength and
thermal conductivity. It can replace conventional solders while improving joint properties. Contrary,
the heat tolerance may be limited by the solder matrix. In particular, the changes in metallurgical
microstructure and the decrease in joint strength against thermal loading should be discussed in
detail. The material, bonding process, and the verification of this concept is investigated in this
chapter.
Die-attach techniques for power modules are subject to continuous research and development
that aims at miniaturization and ever-increasing power densities with lead-free, low-temperature
joining solutions. Such multi-layered assemblies consist of dissimilar materials and suffer from
time-dependent thermomechanical degradation during service under elevated and cyclic
temperatures. Soldering can generally meet the requirements for large-scale production, and
previous studies have investigated and improved various facets of solder joints.
Because interfacial IMC layers are prone to crack initiation and failure, degraded mechanical
properties have been observed with, for instance, increasing interfacial IMC layer thicknesses and
larger amounts of electroless Ni-P within the metallization system [1]–[5]. By contrast, the
roughness of the IMC layer has been shown to improve the joint strength [2]. In addition, varying
the chemical composition of widely-used lead-free Sn-based solder alloys has strengthened the joint
by adding or modifying the content of alloying elements such as Ag, Ni, Bi, In, Sb, or Ce [6]–[11].
The enhanced resistance to mechanical and thermomechanical loading has been mainly attributed
to solution- or precipitation-strengthening and optimized interfacial reaction conditions. Although
the high melting temperatures of Zn- or Au-based solders [12]–[15] are expected to improve
temperature resistance, the bonding temperature must also be raised above the melting point. Other
studies have achieved mechanical reinforcement of solder joints by adding nano-sized materials
such as Fe2O3, TiO2, and SiC particles or graphene flakes [16]–[20].
Because soldered interconnections in power modules are exposed to elevated and cyclic
temperatures, the time-dependent (creep) and time-independent (plastic) responses of solders have
been investigated under these service conditions [21]–[24]. Sn-based solders have been found to
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obey power-law breakdown characteristics during creep [25], [26]. Recrystallized grain boundaries
at positions of high stress, i.e., typically near semiconductor chip interfaces, have been identified as
crack initiation sites [27], [28]. FE simulations have been applied to calculate local stresses and
strains in solder joints to feed reliability models and to perform lifetime predictions and design
optimization [29]–[32].
The approach presented here applies novel composite structures that consist of Sn-based solder
and thin metallic meshes. The load-carrying matrix phase is composed of ductile solder, and the
integration of the metallic mesh was expected to stabilize the solder against mechanical and
thermomechanical loading and to increase the thermal conductivity of the joint. This work is
motivated by other well-known composites, such as metal-matrix composites (MMCs) or fibrereinforced polymers (FRPs), which beneficially combine the properties of the individual materials.
In this chapter, this concept is verified through the microstructural and mechanical evaluation of
such metallic mesh-embedded solder (solder-mesh) composite joints by microstructural observation
and shear strength tests. The mechanical and thermal characteristics of the composite joints are
supported by FE simulations. Moreover, the thermal and thermomechanical resistances of the soldermesh composite joints to elevated and/or cyclic temperatures are clarified and benchmarked with
solder reference joints.

4.2. Experimental method
4.2.1. Microstructural and mechanical characterization
Soldering was conducted with Cu substrates that had dimensions of 20 × 20 × 0.8 mm and 10 ×
10 × 0.8 mm, respectively, and 99.96% purity. Cu and Ni meshes were cut into sizes that were
slightly larger than the cross-sectional area of the smaller Cu substrate. The Cu and Ni meshes had
filament diameters d of 75 and 65 μm, mesh thicknesses t of 180 and 160 μm, and mesh widths w
of 430 and 340 μm, respectively. Commercial SAC305 solder paste with approximately 11% flux
was applied on the bonding surface of the lower substrate as well as on the metallic mesh. The
preform-like layer of metallic mesh and solder paste was placed between the Cu substrates. A
schematic of the Cu-Cu specimen is shown in Fig. 4.1 (a), including the relevant geometric features.
Figs. 4.1 (b) and (c) show top views of the Cu and Ni meshes, respectively, used in this study.
Samples assembled with only SAC305 solder paste were used as references. Pressureless bonding
was conducted in a reflow furnace (UniTemp GmbH) at a holding temperature of 240 °C for 60 s
under N2 (process type 1). Another set of parameters was identified as the result of a systematic
process optimization. This process (type 2) was also run at 240 °C as the process atmosphere but
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switched

from

N2

to

vacuum.

The

microstructures

of

the

Cu-SAC305-Cu,

Cu-Ni

mesh/SAC305(NMS)-Cu, and Cu-Cu mesh/SAC305(CMS)-Cu samples were analyzed by optical
microscopy (OM, Olympus SZX7) and SEM (Hitachi S-3000H) after conventional metallographic
preparation (grinding and polishing) and ion beam cross-section cutting (JEOL SM-09010),
respectively. The joined assemblies were subjected to shear tests with a cross-head speed of 0.01
mm/s. The shear strengths were obtained from five samples for each joint type. The analyses of the
fracture surfaces were performed by OM and SEM, respectively.

Fig. 4.1. (a) Schematic of Cu-Cu specimen using Cu or Ni mesh and SAC305 solder, including
dimensions and geometric parameters. SE micrograph (top view) of (b) Cu mesh and (c) Ni mesh;
round spots indicate CMS and NMS fracture locations (cf. Section 4.4.3).
4.2.2. Thermal aging test
The Cu-to-Cu samples with SAC305 solder (reference), CMS, and NMS bonding layers were
produced with Type 2, as described above. These samples were exposed to a constant, elevated
temperature of 150 °C for 500 h and 1000 h. The annealing test was performed under atmospheric
conditions (Espec STH-120). Before and after annealing, five samples of each joint type were
subjected to shear tests with a crosshead speed of 0.01 mm/s. The fracture surfaces were investigated
by OM and SEM. Simultaneously, the microstructural features of the annealed samples were probed
by SEM with mainly backscattered electron (BSE) contrast after the cross-sections had been ground
and polished.

4.2.3. Thermal cycling test
Si chips were bonded to the DBC substrates with the SAC305 solder, CMS, and NMS composites.
The Si chips had dimensions of 15 × 15 × 0.2 mm and Ni/Au (2/0.1 μm) top metallizations. Each
DBC substrate was composed of a 0.63 mm Si3N4 ceramic sandwiched between two 0.3 mm Cu
layers. The quarter-symmetrical schematic of a Si-to-DBC sample is shown in Fig. 4.2. Three Si-toDBC samples of each variant were subjected to up to 8000 short temperature cycles. The temperature
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oscillated between 80 °C and 200 °C when the bottom sides of the samples were heated and cooled
on two different plates within 20 s and 16 s, respectively. K-type thermocouples were attached on
top of the Si chips using Kapton tape to ensure that the target temperatures were reached during the
tests.
The quality of the bonding layers was investigated by non-destructive scanning acoustic
tomography (SAT, Hitachi FineSAT) with a 75 MHz transducer in the as-bonded state and after a
defined number of temperature cycles. The unbonded (or deteriorated) areas were quantified based
on the contrast in the binary SAT images using ImageJ software. The degradation behaviors of the
SAC305, CMS, and NMS composite joints were also investigated by SEM and BSE imaging of the
cross-sections after temperature cycling. The chemical compositions of the IMC layers and solder
matrices were analyzed by energy-dispersive X-ray spectroscopy (EDX, EDAX).

Fig. 4.2. Illustration of Si-DBC specimen interconnected with SAC305, NMS, or CMS composite.

4.3. Finite element analysis
4.3.1. Thermal simulation
Miniaturized 3D thermal FE models of the CMS and NMS systems were set up according to Fig.
4.3 (a). The mesh inlet with 5 × 5 interconnection points is shown separately in Fig. 4.3 (b). The
geometries and dimensions from the experimental section were implemented considering the
relevant thermal properties, i.e. the heat capacities Cp (Cu: 0.385, Ni: 0.502, SAC305: 0.23 J/g·K)
and the thermal conductivities λ (Cu: 400, Ni: 90, SAC305: 55 W/m·K) of the materials. The
averaged element size was chosen as 10 and 25 μm for the mesh inlet and solder matrix, respectively,
which lead to a total element number of 400,000. The flanks of the layer were modeled as adiabatic.
The thickness of the composite structure was systematically increased from 170 μm, i.e. the lower
boundary given by the thickness of the mesh inlet, up to 300 μm.
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Fig. 4.3. FE model of (a) CMS, (b) mesh inlet with 5 × 5 interconnection points.
A constant heat flux q is applied on the bottom surface of the FE composite model for 2 s until
equilibrium conditions are reached. The temperature fields on the bottom and top surface T1(x,y)
and T2(x,y) are calculated. Fourrier’s law for stationary solutions is used to calculate the theoretical
thermal conductivity λ in z-direction, as follows:
𝜆

1
𝐴 ∬

𝑞∙𝐷
1
𝑇 𝑥, 𝑦 𝑑𝑥𝑑𝑦 − ∬
𝐴

𝑇 𝑥, 𝑦 𝑑𝑥𝑑𝑦

,

4.1

where A is the surface area and D is the layer thickness. The thermal resistance Rth is the reciprocal
value of λz.

4.3.2. Shear test simulation
3D FE models of the Cu-SAC305-Cu, Cu-CMS-Cu, and Cu-NMS-Cu systems were established
using Ansys Workbench 17.2. The model is shown in Fig. 4.4 (a). The solder joint was modeled with
miniaturized dimensions of 1.1 × 1.1 × 0.23 mm. The metallic mesh, as illustrated in Fig. 4.4 (c),
was integrated with 5 × 5 interconnection points in the solder layer, considering the experimental
geometric dimensions described in Section 4.2.1. Based on the experimental observations presented
in Section 4.4.3, boundary conditions fixed the relative motion of parallel and perpendicular
filaments at the intersection points. Ideal contact was assumed at the Cu substrate-SAC305 solder
and the solder-metallic mesh interfaces. The model was meshed with a combination of hexagonal
and tetrahedral elements. The averaged element edge length was set at 25 and 50 μm for the joint
(SAC305 and metallic mesh) and Cu substrates, respectively, which resulted in 160,000 elements.
The mechanical behaviors of Cu, Ni, and SAC305 solder were represented by the elasto-plastic
properties summarized in Table 4.1. Circular defects with 600 μm diameters were added in the joint
center as shown in Fig. 4.4 (b) to elucidate the impact of residues on the fracture behavior. The
upper Cu substrate was loaded with a shear force that provoked strain-to-failure within the SAC305
solder, while the lower substrate was fixed against translational and rotational motion through
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boundary conditions. The linear-elastic response of the solder-metallic mesh layer is anisotropic.
The elasticity parallel to the filaments can be approximated by the Voigt model while the direction
perpendicular to the filaments is assumed to obey the Reuss model.

Fig. 4.4. FE shear test model showing: (a) the joined Cu-Cu specimen, (b) a central defect within
the SAC305 solder, and (c) the structure of a 5 × 5 Cu mesh within the SAC305 solder.
4.3.3. Thermal cycling simulation
The model is shown in Fig. 4.5 (a) and consists of SAC305 solder, CMS, and NMS composite
layers sandwiched between a Si chip and Cu layer. Miniaturized dimensions of 1.0 × 1.0 × 0.2 mm,
1.1 × 1.1 × 0.2/0.32 mm, and 1.5 × 1.5 × 0.3 mm were chosen for the Si chip, composite or solder
joint, and Cu metallization, respectively, which were assumed to represent the (thermo-)mechanical
characteristics of the experimental assembly fairly. The bonding layer thickness was selected as 200
μm or 320 μm. The Cu and Ni mesh inlets in Fig. 4.5 (b) have 5 × 5 interconnection points. Boundary
conditions fixed the relative motions of the parallel and perpendicular filaments at the intersection
points because these locations were found to be bonded through IMC formation, based on the
experimental observations presented in Section 4.4.3. The boundary conditions were also applied to
the bottom side of the Cu layer to block any translational and rotational motion. Ideal contact was
assumed at the SAC305–Cu substrate, SAC305–Si chip, and solder–mesh interfaces. The model was
meshed with hexagonal and tetragonal elements that had average edge lengths of 25 μm and 50 μm
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in the joint and substrates, respectively. The FE assembly was loaded with a temperature–time
sequence that mimicked the short temperature cycling conditions described in Section 4.2.3. The
calculations were performed for five steady-state cycles in which the temperature oscillated between
80 °C and 200 °C and the upper and lower temperature limits were approached asymptotically within
20 s and 16 s during heating and cooling, respectively (cf. Fig. 4.31).
The Si chip was modeled as linear-elastic. The thermo-mechanical responses of the Cu and Ni
filaments as well as the Cu layer were approximated based on their elasto-plastic properties. Viscoelasto-plastic properties with hyperbolic sine (sinh) power-law breakdown characteristics were
considered for the SAC305 solder matrix;
𝑑𝜀
= 𝐶 ∙ sinh 𝛼 ∙ 𝜎
𝑑𝑡

∙ exp

−𝑄
,
𝑅∙𝑇

4.2

where, dε/dt is the creep strain rate, σeq is the equivalent stress, C and α are multipliers, n is the
stress exponent, Qa is the activation energy, R is the universal gas constant, and T is the temperature.
Most of the properties were temperature-dependent. Selected relevant physical parameters used in
this study are summarized in Tables 4.1 and 4.2.

Fig. 4.5. (a) Si-Cu FE model for temperature cycling simulations, (b) 5 × 5 mesh insert within the
solder.
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Table 4.1. Summary of selected physical properties used in this study; data from Refs. [21], [23],
[24], [33]
Material

Young’s Modulus
E (GPa)

Yield Strength
σY (MPa)

Ultimate Tensile
Strength
σUTS (MPa)

Si

112

--

--

Ni

207 (RT)
96 (0 °C)
88 (300 °C)
46 (RT)
35 (100 °C)
4 (200 °C)

103
52 (0 °C)
42 (300 °C)
45 (RT)
15 (125 °C)
3 (200 °C)

387
240 (0 °C)
178 (300 °C)
58 (RT)
23 (125 °C)
4 (200 °C)

Cu
SAC305

CTE
αth (10−6/°C)
2.6 (RT)
3.5 (250 °C)
13.1
16.7
21.2 (RT)
22.0 (100 °C)
22.5 (200 °C)

Table 4.2. Hyperbolic sine creep parameters for SAC305 solder; data from Ref. [26]
C (s-1)
2631

α (MPa-1) n (-)
0.0453

5

Qa
(kJ/mol)
52.4

4.4. Results
4.4.1. Experimental microstructure and proof of concept
Fig. 4.6 shows the cross-section of a Cu-SAC305-Cu joint after process type 1, with BSE
contrast. Characteristic scallop-like Cu6Sn5 IMCs with thicknesses of approximately 2 μm evolved
at the substrate-to-solder interfaces. The total joint thickness was measured to be 30 μm, and
submicrometer-sized Kirkendall voids were found to be present within the IMC layer.
Fig. 4.7 (a) confirms that the Ni mesh generally integrated well in the solder layer, with almost
no bonding defects at the NMS interface. The interfacial reaction layer between the substrate and
solder was not affected when a Ni mesh was added into the solder joint, as shown in Fig. 4.7 (b).
The high-magnification BSE images in Figs. 4.7 (c) and (d) reveal the formation of elongated and
faceted Ni3Sn4 IMC at the NMS interfaces. Parallel and perpendicular filaments were bonded to
each other at intersection points through the formation of the Ni3Sn4 IMC. This interconnection is
assumed to result in a stiffening effect. The joint thickness that formed under the type 1 process
conditions was determined to be 210 μm.
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Fig. 4.6. BSE micrograph of a Cu-Cu joint soldered with SAC305 (reference).

Fig. 4.7. BSE and SE micrographs of a Cu-Cu joint soldered with NMS composite: (a) the whole
joint, (b) at the Cu substrate-SAC305 interface (pos. 1), (c) at the NMS interface (pos. 2), and (d)
at the point between SAC305 and two intersecting Ni filaments (pos. 3).
Fig. 4.8 (a) confirms the favorable compatibility of the CMS composites. Scallop-like Cu6Sn5
IMCs with thicknesses of approximately 2 μm were observed at the substrate-solder and CMS
interfaces, as shown in Figs. 4.8 (b) through (d). Fig. 4.8 (d) also shows that the parallel and
perpendicular filaments were bonded to each other through IMC formation. The CMS joint thickness
was measured to be 220 μm. Both CMS and NMS composite joints had joint thicknesses that were
slightly larger than the metallic mesh thicknesses because an approximately 20–30-μm thick,
continuous SAC305 solder layer formed between the metallic mesh and the upper and lower
substrate under the pressureless conditions.
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Fig. 4.8. BSE micrographs of a Cu-Cu joint soldered with CMS composite: (a) the whole joint, (b)
at the Cu substrate-SAC305 interface (pos. 1), (c) at the CMS interface (pos. 2), and (d) at the
point between SAC305 and two intersecting Cu filaments (pos. 3).
A favorable joint quality with homogeneous joint thickness and pronounced fillet formation can
be observed from the full cross-section OM images shown in Fig. 4.9, where the solder-metallic
mesh composite joints are shown with Ni mesh in Figs. 4.9 (a) and (b) and with Cu mesh in Figs.
4.9 (c) and (d). The woven structures of the metallic meshes differ slightly from each other. Both
joints in Fig. 4.9 were produced with process type 2 parameters. These results confirm the feasibility
of the proposed concept. The microstructural features after process type 2 were identical to those
described above for process type 1 in Figs. 4.6 through 4.8. The difference between process types 1
and 2 will be addressed in the following section.

87

Fig. 4.9. Full cross-section and magnified OM micrographs of Cu-to-Cu joints fabricated by
process type 2 using (a) and (b) NMS composite, and (c) and (d) CMS composite.
4.4.2. Thermal characteristic
The calculated temperature fields on the bottom and top surface T1(x,y) and T2(x,y), respectively,
are shown in Figs. 4.10 (a) and (b). Spots with a slightly lower temperature are more or less
homogeneously distributed on the surfaces. These local heat sinks are assigned to positions where
the wavy mesh has a shorter distance to the surface compared to the surrounding volume and the Cu
filaments serve as effective paths for heat transport. The calculated thermal conductivity and thermal
resistance for the solder-mesh composite joints are plotted in Figs. 4.11 (a) and (b), respectively.
High equivalent thermal conductivities of the mesh-SAC305 composites, particularly Cu mesh, were
demonstrated. The equivalent thermal conductivity decreased with increase in the layer thickness
because of the reduction of mesh volume fraction. The high λ-value of Cu enhances the overall
conductivity of the Cu mesh/SAC305 composites compared to SAC305 layers with the same
thickness. In other words, a 100 μm thick SAC305 layer should have a thermal resistance similar to
a 230 μm Cu mesh/SAC305 composite layer. On the contrary, a Ni mesh inlet is not expected to
significantly increase thermal conductivity.
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Fig. 4.10. Calculated temperature distribution on the (a) bottom and (b) top surface of a CMS
joint.

(a)

(b)

Fig. 4.11. Evolution of (a) thermal conductivity and (b) thermal resistance for SAC305, Cu
mesh/SAC305 and Ni mesh/SAC305 composites as a function of layer thickness.
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4.4.3. Shear strength and fracture
(a) Experimental results
The shear strengths of process type 1 samples were measured to be 32 ± 1.8, 33.7 ± 1.3, and
35.3 ± 1 MPa for joints consisting of SAC305, NMS, and CMS composites, respectively. The
fracture surface analysis of the SAC305 joint indicated a steady fracture path throughout the
soldered layer, as shown in the OM overview in Fig. 4.12 (a). Cracking occurred within the solder
joint in the vicinity of the interface extending toward the upper or lower Cu substrate. Ductile
fracture features, i.e. dimples, were found on the fractured solder layer, as shown in Fig. 4.12 (b).
The solder layer contained spherical defects, as exemplified in Fig. 4.12 (c) by the un-bonded spot
with a diameter of approximately 500 μm. The brighter contrast at the defect periphery is caused by
the charging effects of polymeric residues in the joint.

Fig. 4.12. Fracture surface of process type 1 Cu-Cu joint soldered with SAC305 showing: (a) OM
micrograph of the whole upper fracture surface; and SEM images of (b) dimples in the SAC305
solder and (c) a circular defect surrounded by a ring of residue with brighter contrast.
The fracture surface of the process type 1 joint with Cu mesh shown in Fig. 4.13 (a), was divided
into region A with ductile features and region B where cracking occurred along the solder-metallic
mesh interface, as shown in Fig. 4.13 (b). Fig. 4.13 (c) shows that the filaments are cut in the
transition zone from A to B despite the higher specific strength of Cu compared to SAC305. Fracture
was initiated at the joint edge, and the crack propagated between the metallic mesh and upper
substrate up to the transition zone, where the mesh was cut and the cracking path diverged down
toward the lower substrate. Filaments that were positioned perpendicular to the shear load were bent
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toward the Cu substrate with an approximately 45°-angle, as can be seen in Fig. 4.13 (d). By contrast,
filaments parallel to the external load fractured without being bent, as shown in Fig. 4.13 (c).
Residues were found at the transition zone from A to B, as indicated by the darker contrast in in Fig.
4.13 (c). Such residues were preferentially located where the metallic mesh was cut. The
replacement of the Cu mesh by the Ni mesh resulted in identical fracture features. These fracture
characteristics will be discussed below.

Fig. 4.13. Fracture surface of process type 1 Cu-Cu joint soldered with Cu mesh-SAC305 composite
showing (a) OM micrograph of the whole upper fracture surface; and SEM images of (b) dimples
in the SAC305 solder; and SEM images of mesh and fractured Ni filaments (c) parallel and (d)
perpendicular to the loading direction with spots of residues.
With the type 2 process, the shear strength increased to 44.1 ± 6 (+38%), 44.7 ± 4.7 (+33%), and
51.4 ± 3.2 (+46%) for joints with SAC305, NMS, and CMS composites, respectively. Fig. 4.14
visualizes the averaged shear strength for the three different joint architectures after process types
1 and 2, showing a higher shear strength tendency for CMS composite joints. In other words, the
Cu mesh yielded a reinforcement effect and increased the strength by 16% compared to the reference
SAC305 solder joint.
Different fracture characteristics were found for the SAC305 joint, and the fracture surface of
the upper and lower substrates could be subdivided into regions A, B, C, and D, as shown in Figs.
4.15 (a) and (b). Close to the loaded edge in region A, an adhesive and brittle fracture initiated at
the Cu6Sn5 IMC-SAC305 interface of the upper substrate, as can be seen in Fig. 4.15 (c). The
fracture behavior switched to a ductile and cohesive mode in region B, as can be inferred from the
dimples in Fig. 4.15 (d). The crack propagated in the vicinity of the upper substrate. Although the
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fracture mode remained ductile in region C, the cracking path moved toward the lower substrate, as
illustrated in Fig. 4.15 (e). Brittle and adhesive cracking toward the lower substrate again occurred
at the end opposite to the load introduction, in region D. The area fraction of ductile failure (in B+C)
was measured to be 78%.

Fig. 4.14. Comparison of mean shear strengths among joints with SAC305, CMS, and NMS
composites fabricated by process types 1 and 2.

Fig. 4.15. Fracture surface of process type 2 Cu-Cu joint soldered with SAC305, showing OM
micrographs of the whole (a) upper fracture surface and (b) lower fracture surface; SEM images of
(c) brittle fracture in region A (also representative for region D′), (d) ductile fracture in region B;
and (e) transition from regions B to C.
A highly structured fracture pattern can be observed from the upper and lower fracture surfaces
of the CMS joint in Figs. 4.16 (a) and (b). Adhesive and brittle fracture initiation appeared at the
loaded edge toward the upper substrate, as shown in Fig. 4.16 (c); this region was defined as region
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A. In accordance with the SAC305 joint, the failure mode changed from brittle to ductile in region
B, as suggested by Fig. 4.16 (d). A rough pattern appeared during the transition from regions B to
C, as shown in Fig. 4.16 (e). The largest part of the fracture surface can be described by the
characteristics found in region C (or C’). A well-structured pattern was observed in this zone, which
represents the integrated Cu mesh. Periodic features in Fig. 4.16 (f) can be ascribed to the mesh
width w. The higher magnification in Fig. 4.16 (g) clarifies that the fracture path tore holes down to
the metallic mesh at locations where the mesh and the upper substrate were closest to each other.
The surrounding fracture within the SAC305 solder contained ductile features. Further
magnification in Fig. 4.16 (h) finally reveals ductile and brittle fracture on the peak area of the Cu
mesh, which is attributed to interfacial failure between Cu6Sn5 IMC on the Cu mesh and the SAC305
solder. In contrast to the corresponding joint fabricated by process type 1 as shown in Fig. 4.13, the
metallic mesh in the joint fabricated by process type 2 was not cut and fracture consequently
occurred between the mesh and the upper substrate throughout the joint. The characteristic region
C covered an area fraction of 76%. When only region C was considered, the area fraction of CMS
fracture spots (cf. Fig. 4.16 (g)) was 13%.

Fig. 4.16. Fracture surface of process type 2 Cu-Cu joint soldered with CMS composite, showing
OM micrographs of the whole (a) upper fracture surface and (b) lower fracture surface; SEM images
of (c) brittle fracture in region A (also representative for region A′), (d) ductile fracture in region B,
and (e) transition from regions B to C; and (f) mesh-induced fracture pattern in region C′ with
magnified view in (g) and (h).
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The NMS joint fracture surfaces of the upper and lower substrates can also be subdivided into
regions A, B, and C, according to Figs. 4.17 (a) and (b). The initial brittle interfacial fracture (A) in
Fig. 4.17 (c) was followed by a ductile fracture within the solder (B), as shown in Fig. 4.17 (d), and
then by the characteristic solder-metallic mesh fracture pattern (C), as shown in Figs. 4.17 (e)
through (g). In contrast to the CMS joint, the area fraction of the solder-mesh fracture (C) was
significantly reduced to 45%. Within region C, the area fraction of NMS fracture spots was higher,
30%, possibly because of the flatter structure of the Ni mesh. Because of the vacuum step added to
the bonding process, very few residues appeared in any of the joint architectures, SAC305, NMS,
or CMS.

Fig. 4.17. Fracture surface of process type 2 Cu-Cu joint soldered with NMS composite, showing
OM micrographs of the whole (a) upper fracture surface and (b) lower fracture surface; SEM images
of (c) brittle fracture in region A, (d) ductile fracture in region B, and (e) mesh-induced fracture
pattern in region C′ with magnified view in (f) and (g).
(b) Finite element results
Fig. 4.18 visualizes the Mises stress distribution on a Cu mesh inlet integrated in the SAC305
solder joint. In both cases, an external load was applied on the Cu substrate that locally (close to the
loaded edge) provoked the fracture strain of approximately 30% within the SAC305 solder. For
better visibility, the display of stresses in the solder as well as the upper and lower substrate was
deactivated. Fig. 4.18 (a) shows that the Mises stress distributed relatively homogeneously across
the mesh structure with average values of approximately 100 MPa. Local stress peaks up to 150
MPa are marked by the dashed rings located on distinct points of the metallic mesh surface where
the distance between the mesh and the upper substrate was shortest. These stress peaks are in good
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agreement with the fracture characteristics observed in Figs. 4.16 (f) through (h) and Figs. 4.17 (e)
through (g), where interfacial fractures occurred. By contrast, as shown in Fig. 4.18 (b), the stress
distribution changed significantly when the solder-metallic mesh joint contained a central defect.
This simulation considered the appearance of residue spots based on the experimental results
presented in Fig. 4.13. Filaments within the defect were almost not loaded because they could
deform freely. However, parts of filaments in the vicinity of the defect-solder interface become more
strongly stressed. These locations are highlighted in the figure with dashed circles. Although the
absolute Mises stress values of approximately 150 MPa, which were above the material’s yield
strength, were similar to the defect-free case, the full volume of the filaments was now locally
subjected to the stress peaks. Filaments parallel to the load direction were predominantly loaded.

Fig. 4.18. Mises stress distributions in the Cu filaments for joints (a) without defects and (b) with
defects, both loaded to the strain-to-fracture of SAC305 solder; dashed circles indicate spots of
highest stress.
The evolution of equivalent plastic strain in the SAC305 solder was analyzed as a function of
the applied external stress. Solder-mesh composite joints with and without central defects were
compared to the corresponding SAC305 counterparts. Fig. 4.19 shows a plot of the normalized
equivalent plastic strain versus the normalized external stress for direct comparison. A value of 1
for the normalized strain was equivalent to the strain-to-failure and indicated fracture. The results
suggested that the defect-free solder-metallic mesh composite joints provided the highest resistance
against mechanical shear loading. The defect-free SAC305 joints were expected to fail under an
external load that was approximately 5% lower. Similar characteristics could be derived for the
flawed soder-mesh and solder joints, and their strengths clearly decreased. These results indicated
that a metallic mesh inlet could slightly reinforce a solder joint, probably through a stiffening effect
that was probably also related to the IMC interconnection of parallel and perpendicular filaments
during bonding.
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Fig. 4.19. Comparison of calculated normalized equivalent plastic strain over normalized external
stress for Cu-Cu joints w/o Cu mesh and w/o central defect.

4.4.4. Resistance against elevated temperature
The Cu-SAC305-Cu samples had 2-μm-thick Cu6Sn5 IMC layers after bonding, as shown in
Section 4.4.1. The exposure to 150 °C for 1000 h caused IMC layer thickening to approximately 9
μm at the Cu substrate–SAC305 solder interface, while the IMC layer could be divided into
approximately equal portions of Cu6Sn5 and Cu3Sn (ratio 1:1), as shown in Fig. 4.20. The remaining
SAC305 solder layer was 10–15 μm thick.

Fig. 4.20. BSE micrograph of a Cu-SAC305-Cu joint annealed for 1000 h at 150 °C.

Good structural integrity is evident in the whole cross-sectional SEM image of the NMS joint
after annealing at 150 °C for 1000 h in Fig. 4.21 (a). The average IMC thickness at the Cu substrate–
solder interface in Fig. 4.21 (b) was measured to be 7.5 μm. However, the ratio between Cu6Sn5 and
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Cu3Sn in the IMC was shifted to 4:1. Some defects, which seemed to be caused by spalling effects,
formed at the interface between the Ni3Sn4 IMC and solder, as can be seen in Fig. 4.21 (c).

Fig. 4.21. BSE micrographs of a Cu-Cu joint soldered with NMS composite annealed for 1000 h for
150 °C (a) as a whole joint, (b) at the Cu substrate–SAC305 interface (pos. 1), and (c) at the triple
point between SAC305 and two intersecting Ni filaments (pos. 2).
No significant structural degradation is observable in the CMS composite joint after 1000 h of
annealing in Fig. 4.22 (a). The total thickness of the IMC layer at the substrate–solder interface in
Fig. 4.22 (b) evolved to 6 μm, containing equal portions of Cu6Sn5 and Cu3Sn (1:1). The IMC layer
at the solder–mesh interface in Fig. 4.22 (c) also consists of equal fractions of Cu6Sn5 and Cu3Sn
IMC and has a total thickness of 6.5 μm. Minor defects preferably occurred at the solder–IMC
interface possibly because of mismatched thermal expansion or lattice structure (cracking,
delamination) or unbalanced interdiffusion (Kirkendall voiding). Comparison of the microstructural
features of the SAC305, NMS, and CMS joints after annealing proves that the metallic mesh inlet
impacts the appearance of interfacial defects and the IMC ratios.
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Fig. 4.22. BSE micrographs of a Cu-Cu joint soldered with CMS composite annealed for 1000 h for
150 °C (a) as a whole joint, (b) at the Cu substrate–SAC305 interface (pos. 1), and (c) at the triple
point between SAC305 and two intersecting Cu filaments (pos. 2).
The shear strength evolution is plotted in Fig. 4.23 as a function of the type of bonding layer
and annealing time. The shear strength of the SAC305 joints decreases from 44.1 ± 6 MPa to 36.4
± 3.4 MPa after 500 h of annealing and recovers to 43.3 ± 7 MPa after 1000 h. It is assumed that
IMC bridges locally connected both substrates, increasing the strength after the longer annealing
time. The fracture surface analysis results in Fig. 4.24 reveal that ductile cracking behavior is
preferable within the SAC305 solder layer in region B, as can be seen in Fig. 4.24 (c). A small
fraction of the surface close to the shear load introduction was assigned to brittle and interfacial
fracturing along the IMC layer in region A based on Fig. 4.24 (b). Another area in Fig. 4.24 (d) was
marked as region C, where mixed-mode ductile and brittle failure was identified.
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Fig. 4.23. Comparison of average shear strengths between joints with SAC305, CMS, and NMS
composites, as-bonded and after annealing at 150 °C for 500 h and 1000 h.

Fig. 4.24. Fracture surface of a Cu-SAC305-Cu joint annealed for 1000 h at 150 °C with (a) an OM
micrograph of the whole lower substrate and SE micrographs of the (b) brittle fracture in region A,
(c) ductile fracture in region B, and (d) mixed fracture mode in region C.
The NMS composite joints experienced a strength decrease from 44.7 ± 4.7 MPa to 37.9 ± 4.9
MPa after annealing for 500 h and slight recovery up to 40.6 ± 2.3 MPa after 1000 h. The fracture
analysis in Fig. 4.25 proves that the cracks predominantly propagated through the SAC305 solder
with ductile deformation features. The dimples in region B are evident in Fig. 4.25 (c). Only a weak
interaction between the Ni mesh inlet and cracking path was derived from the checkered pattern in
region B, which mirrors the geometry of the mesh in Fig. 4.25 (a). The interaction among the
cracking path, mesh, and solder was much more pronounced in the as-bonded state when the fracture
surface was covered with holes where cracking of the solder–mesh interface occurred. This fracture
mode was described in detail in [38], where it was stated that this mode locally enhances the fracture
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resistance, which would explain the higher shear strength in as-bonded conditions. In the
comparably small region A, the fracturing proceeded along the solder–mesh interface, as shown in
Fig. 4.25 (b). This fracture type was probably triggered by the interfacial defects between the Ni3Sn4
IMC on the mesh and the SAC305 solder, according to Fig. 4.25 (c).

Fig. 4.25. Fracture surface of a Cu-Cu joint soldered with NMS composite annealed for 1000 h at
150 °C showing (a) an OM micrograph of the lower substrate and SE micrographs of the (b)
interfacial solder–mesh fracture in region A and (c) ductile fracture in region B.
The greatest decrease in shear strength was measured for the CMS composite joints, when it
decreased by approximately 10 MPa to 40.7 ± 1.7 MPa after 500 h. However, the strength remained
nearly unchanged thereafter and was measured to be 40.5 ± 2.6 MPa after 1000 h. Figs. 4.26 (a) and
(c) confirm the presence of mainly ductile deformation features in region B, which were caused by
cohesive fracturing within the SAC305 solder. The magnified view of region A in Fig. 4.26 (b)
shows a mesh-induced fracture pattern that suggests that the mesh contributed to the fracture
behavior. In accordance with the NMS joints, this effect was strongly weakened after annealing for
1000 h compared to that in the as-bonded case, as discussed in Section 4.4.3, which probably also
explains the strength decrease during annealing.

Fig. 4.26. Fracture surface of a Cu-Cu joint soldered with CMS composite annealed for 1000 h at
150 °C showing (a) an OM micrograph of the lower substrate and SE micrographs of the (b) ductile
fracture with weak solder–mesh interaction region A marked by dashed circles and (c) solely ductile
fracture in region B
In summary, the solder-mesh composite joints provided sufficient resistance against an elevated
temperature of 150 °C for up to 1000 h with shear strengths greater than 40 MPa. The shear strengths
of the SAC305, NMS, and CMS joints were similar after 1000 h of annealing, which was probably
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because of the similar fracture characteristics with predominant ductile and cohesive cracking within
the SAC305 solder alloy. It seemed that the beneficial effects of particularly the CMS composites
on the as-bonded shear strength vanished after annealing. However, the mesh inlets did not
negatively influence the mechanical properties.

4.4.5. Reliability during temperature cycling
(a) Experimental results
Oscillating temperatures between 80 °C and 200 °C with a short cycle time of 37 s were applied
to the Si-to-DBC samples. SAC305 solder joints with 180 μm and 110 μm thicknesses were used as
references, and their performances were compared to those of 360- and 320-μm-thick NMS and
CMS composite joints. The SAT images of these six cases in Fig. 4.27 track the deterioration from
the as-bonded state until up to 8000 cycles. The flawed areas in the as-bonded SAC305 solder and
solder-mesh composite joints were determined to constitute 0.5% or less of the total areas.
The results of quantitative analysis via SAT are plotted in Fig. 4.28. Rapid degradation of the
SAC305 joints in Figs. 4.27 (a) and (b) after 2000 cycles resulted in unbonded areas of 11.7% and
7.1% with joint thicknesses of 110 μm and 180 μm, respectively. Pronounced deterioration at the
edges and in the centers of the joints are identifiable in the SAT images. The SAC305 joints were
classified as “failed” because a delaminated area between 5 and 10% is commonly used as failure
criterion in high power applications. The SEM cross-section of the thicker (180-μm-thick) SAC305
joint after 2000 short cycles is shown in Fig. 4.29 (a). The cut plane of the SEM image corresponds
to the A-A line in Fig. 4.27. Cracks appear to have propagated along the Si chip and apparently were
initiated at the edges. Higher magnification revealed that the crack partly moved through the IMC
layer on the chip side and partly along the IMC–solder interface. In the central part of the joint,
characteristic cracking behavior occurred within the IMC layer or at the chip–IMC interface. The
average IMC layer thickness after 2000 cycles was measured to be 7 μm, and its chemical
composition was 48 at% Sn, 38 at% Cu, and 14 at% Ni. The solder matrix nearby was found to have
a total of 4 at% of Cu, Ni, and Ag in solution. Ag3Sn-type IMC particles with diameters less than 5
μm and minor fractions of Cu and Ni were embedded in the solder matrix.
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Fig. 4.27. SAT images of Si-to-DBC samples joined with SAC305 (a) 110 μm and (b) 180 μm thick
and with (c) and (e) CMS and (d) and (f) NMS composites 360 μm and 320 μm thick after 0, 2000,
4000, and 8000 short cycles between 80 °C and 200 °C; white color indicates unbonded area.

Fig. 4.28. Reduction of the bonded areas in Si-to-DBC samples as a function of the number of short
cycles, derived from the SAT images in Fig. 4.27.
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The SEM cross-section of the thinner (110-μm-thick) SAC305 joint after 2000 cycles along the
B-B line can be seen in Fig. 4.29 (b). The cracking characteristics are similar to those described
above for the thicker SAC305 joint. Additional vertical cracks are evident close to the edge of the
joint. The IMC layer thickness at the chip side was determined to be 8 μm with a chemical
composition of 48 at% Sn, 38 at% Cu, and 14 at% Ni. The solder matrix had approximately 4 at%
of Cu, Ni, and Ag in solution, and Ag3Sn-like IMCs were more or less homogeneously distributed
within.
The 360-μm-thick CMS composite joints depicted in Fig. 4.27 (c) deteriorated much more slowly,
and the unbonded area in the SAT image after 8000 cycles was measured to be 4.2% of the total
area. Moreover, the degradation occurred only at the joint edges. The SEM cross-section along the
C-C line after 8000 cycles in Fig. 4.29 (c) reveals that cracking was initiated at the edge of the
interconnection. The cracking path propagated along the Si chip interface and significantly
interacted with the Cu mesh inlet. Thus, the degradation toward the center of the joint proceeded
more slowly. The IMC layer between the Si chip and SAC305 solder reached a thickness of 8 μm
after 8000 cycles and had a chemical composition of 48 at% Sn, 38 at% Cu, and 14 at% Ni. The
solder matrix contained 4 at% of the alloying elements Cu, Ni, and Ag, with Ag3Sn-type IMCs
distributed. The results of the degradation of the Si-to-DBC interconnections in Fig. 4.28 highlight
that the 360-μm-thick CMS joints enhanced the lifetime by a factor of 8 compared to that of the
180-μm-thick SAC305 joint which was classified as failed.
Similar characteristics were found for the 360-μm-thick NMS joint depicted in Fig. 4.27 (d).
The bonded area after 8000 cycles was reduced by almost 6%. Although the Ni mesh was located
close to the DBC side, the cracking was affected by the mesh. It started at the joint edge and mainly
propagated close to the Si chip interface, but the path also was distracted down to the mesh according
to the SEM image along the D-D line in Fig. 4.29 (d). Local SEM and EDX analyses revealed a 5μm-thick IMC layer on the chip side after 8000 cycles, which was composed of 49 at% Sn, 33 at%
Cu, and 18 at% Ni. The surrounding Sn-based solder matrix had approximately 4 at% of Cu, Ni, and
Ag in solution with Ag3Sn IMCs spread within.
The fraction of the unbonded area after 8000 cycles was determined to be 2.8% and 2.0% for
the 320-μm-thick CMS and NMS composite joints in Figs. 4.27 (e) and (f), respectively. The SAT
images suggest that the edges of the thinner composite joints were more resistant to temperatureinduced deterioration. The cross-section of the cycled CMS joint along the E-E line in Fig. 4.29 (e)
qualitatively suggests stronger distraction of the cracking path even down to the lower substrate. In
the case of the thinner NMS joint in Fig. 4.29 (f), the mesh was located close to the Si chip, which
apparently prevented the crack from propagating along the F-F cut line. The results of further
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analyses of the IMC layer thicknesses and chemical compositions in the 320-μm-thick solder–mesh
composite joints did not differ from those of the 360-μm-thick joints described above.

Fig. 4.29. Cross-sections of Si-to-DBC samples with (a) 180-μm-thick and (b) 110-μm-thick
SAC305 solder joints after 2000 short cycles, 360-μm-thick (c) CMS and (d) NMS composite joints,
and 320-μm-thick (e) CMS and (f) NMS composite joints after 8000 short cycles along the A-A, BB, C-C, D-D, E-E, and F-F lines in Fig. 4.27.
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(b) Finite element results
Fig. 4.30 shows the distributions of the total inelastic (creep and plastic) Mises strain in 200μm-thick bonding layers between the Si chip and Cu metallization after five calculated temperature
cycles between 80 °C and 200 °C. The implemented temperature–time sequence is plotted in Fig.
4.31 and approximates the experimental cycling conditions. The SAC305 solder interconnection
suffered from strain peaks at the joint edges and corners, as can be seen in Fig. 4.30 (a). The lowest
strains were calculated in the center of the joint, with half the magnitudes of those in the outer areas.
Consequently, crack initiation and degradation were mainly expected at or close to the Si–solder
interface in the joint periphery. This failure behavior was identified using the experimental SAT and
SEM results presented in Figs. 4.27, 29 (a) and (b). Based on the results in Fig. 4.31, the local
loading state was characterized by a normalized strain increase rate of 0.176 per cycle.

Fig. 4.30. Calculated total Mises strain after five temperature cycles at the Si–solder interface for
(a) SAC305 and (b) CMS composite and (c) in the cut view along the G-G line.
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Fig. 4.31. Evolution of calculated normalized Mises strains in SAC305, CMS, and NMS composite
joints with 200 μm and 320 μm thicknesses during five temperature cycles.
Fig. 4.30 (b) shows the Mises strain distribution after five calculated cycles between 80 °C and
200 °C in a 200-μm-thick CMS composite joint, which is also representative of NMS composite
joints. Pronounced differences in the local loading state are evident when additional strain peaks
appear in defined spots near the edges. The cut view along the G-G line in Fig. 4.30 (c) clarifies that
these spots emerged where the wavy mesh inlet had the shortest distance to the Si chip. In Section
4.4.3, these locations were found to provide a locally enhanced resistance against crack propagation
under quasistatic shear loading. This feature can at least partly explain the significantly slower
degradation of solder-mesh composite joints compared to SAC305 solder joints. Fig. 4.30 (c) also
indicates that these strain peaks filled out the volume between the mesh inlet and Si interface. This
interaction between the multi-layered system and mesh inlet may distract the cracking path from the
Si interface down to the mesh inlet, as shown in Figs. 4.29 (c) through 4.29 (f). These cracking
characteristics resulted in a path longer than that along the Si chip in the solder joints. Analysis of
the FE simulation results in Fig. 4.31 suggested that the normalized inelastic Mises strain in the
solder matrix increased by 0.147 and 0.143 per cycle in the CMS and NMS composite joints,
respectively, which is equivalent to reduction of the strain load by 16% and 18% compared to that
in the SAC305 joint. These results are related to the lower thermal expansion of the mesh inlet,
which effectively decreased the thermal expansion of the solder-mesh composite layer. The mesh
and solder matrix strongly interacted with each other in the Si-to-DBC assembly during temperature
cycling. Fig. 4.32 (a) shows the initial shape of the Cu mesh in the FE model before the simulations.
Fig. 4.32 (b) shows the mesh inlet with strongly amplified deformation after five calculated thermal
cycles. Plastic strain in the Cu mesh provoked a stretching effect. Although the local plastic strain
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in the mesh was calculated to be only 0.0075% per cycle, the linear extrapolation to 8000 cycles
resulted in a theoretical accumulated value of 60%. It was assumed that the mesh inlet served as a
“damper” that partly absorbed the strain loading during temperature cycling and distracted the
cracking path.
On the contrary, almost identical normalized strain increase rates of 0.103 per cycle were
calculated from Fig. 4.31 for the 320-μm-thick SAC305, CMS, and NMS joints. This result confirms
that thicker solder joints provide better reliability, which was experimentally observed for the 100
μm and 180 μm thicknesses. The strain distributions in the 320-μm-thick SAC305 and solder–mesh
composite joints are comparable to that in Fig. 4.30 (a), with peaks located at the edges and corners.
The interaction between the mesh and solder was also weakened when a plastic strain increase of
0.0036% per cycle was calculated in the mesh. These results strongly indicate that the distance
between the mesh and chip interface is essential for composite joint reliability.

Fig. 4.32. Cross-sectional view, calculated equivalent plastic strain, and mesh shape (a) in the initial
state and (b) after five temperature cycles (deformation highly scaled up).
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4.5. Discussion
4.5.1 Joint characteristics
The process parameters were successfully optimized in Section 4.4.1 and 4.4.3 such that residues
were removed from the joined volume and the shear strength significantly increased. The vacuum
step helped to remove residues from the joined volume. The fracture mechanisms were clarified by
the combination of OM and SEM inspection as well as FE simulations. Fig. 4.33 schematically
summarizes the three cases: the Cu-Cu joints using only SAC305 solder in Fig. 4.33 (a), CMS or
NMS composites fabricated by process type 2 in Fig. 4.33 (b), and CMS or NMS composites before
process optimization (process type 1) in Fig. 4.33 (c). The solder joint predominantly fractured in a
ductile-cohesive mode within the soldered layer, and crack propagation occurred toward one or the
other substrate.

Fig. 4.33. Schematic of fracture path through shear loaded Cu-to-Cu joints with (a) SAC305 solder,
(b) defect-free solder-mesh composite, and (c) solder-mesh composite including larger defects.
The shear test results showed that the CMS composite joints exceeded the strength of the
SAC305 joint by 16%. However, the FE simulations and analyses in Figs. 4.18 and 4.19 suggest a
strength increase of only approximately 5%. This reinforcement is interpreted as the result of a
stiffening effect. The plot in Fig. 4.19 indicates that the integration of a metallic mesh slightly delays
the initiation and critical stage of plastic material flow. The remaining 11% are likely related to
differences in the fracture behaviors of solder and CMS joints that are not captured by the FE
simulations. The schematic in Fig. 4.33 (b) shows the crack propagation within a defect-free
(process type 2) solder-metallic mesh composite joint, as deduced from Figs. 4.16 and 4.17 in
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Section 4.4.3. Beyond the small volume of interfacial crack initiation at the loaded edge, the fracture
path switches to a very consistent pattern that forms because of the alternating cracking within the
SAC305 solder and at the solder-metallic mesh interface. The area of ductile fracture in the SAC305
joint (78%), denoted as regions B and C in Fig. 4.15, is comparable to that of region C for the
combined solder and solder-metallic mesh fracture in Fig. 4.16 (76%). The fracture region C of the
CMS joint can be further divided into a fraction with failure in the solder, Af,S (87%), and another
fraction, Af-S-M (13%), where failure occurs at the solder-metallic mesh interface. The Cu mesh inlet
would contribute to the strength increase by a stiffening effect (5%) and a locally enhanced fracture
resistance (11%). Interestingly, the Cu mesh and the upper substrate do not need to be in direct
contact to provoke the local cracking at the solder-metallic mesh interface. However, the
experimental observations are in good agreement with the FE simulations in Fig. 4.18 (a), which
highlight local interfacial stress peaks on the Cu mesh where the solder-metallic mesh fracture
occurs.
The analysis above was also applied to the NMS composite joints. Simulations demonstrated
that the stiffening effect also stabilized the solder and led to a reinforcement of 5%. Because the
experimental strength was similar, i.e. only 1% higher, to that of the SAC305 solder joints, a local
fracture-induced strength degradation must have been involved. Af,S and Af,S-M were measured as
0.7 and 0.3, respectively, because of the different architecture of the Ni mesh according to Figs. 4.1
(b) and (c). Moreover, the NMS fracture was located at all intersection points of the Ni mesh whereas
the CMS fracture appeared at every second intersection, as indicated by the round spots in Figs. 4.1
(b) and (c). In comparison with the SAC305 solder joints, the Cu mesh inlets resulted in stiffness
and fracture-induced reinforcement. In the case of Ni meshes, the stiffness increase alone
compensated for the local weakening of the fracture strength. This explanation is partially verified
by various other studies that demonstrate the enhanced brittleness and lower strength of Ni3Sn4 IMC
compared to, for instance, Cu6Sn5 or Ag3Sn IMC [34], [35]. Although the type of interfacial IMC is
expected to be largely responsible for the fracture and strength of solder-metallic mesh joints, the
slightly different woven structures of the Cu and Ni meshes may have an additional effect on the
joint strength.
The third case in Fig. 4.33 (c) represents a solder-metallic mesh composite joint with defects
(residues) as they were found after process type 1. By combining the experimental and numerical
results, these residues can be concluded to trigger the cutting of the metallic mesh inlet. SEM
analyses identified residues located at the cut edges of the metallic mesh, and the FE simulations
demonstrated volumetric stress peaks above the material’s yield strength in the filaments parallel to
the loading direction and in the vicinity of the defect-solder interface. These results indicate that
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parallel filaments will be the primary fracture sites. Subsequent secondary fracture occurs in
filaments perpendicular to the load, which is why these filaments are bent with an approximately
45° angle, as shown in Fig. 4.13 (c), because the upper substrate likely gets lifted. This study could
optimize the process conditions and eliminate the fracture mode shown in Fig. 4.33 (c). However,
this effect can be useful to evaluate the process and joint quality when, for instance, some aspect of
the metallic mesh geometry is changed, such as the mesh width or the filament diameter. The
metallic mesh inlet would typically not be cut in defect-free solder- metallic mesh joints because of
the higher specific strength of such joints.

4.5.2. Impact of metallic-mesh inlet on joint reliability
This research has proven that solder-mesh composite solutions can significantly improve the
lifetimes of Si-to-DBC interconnections as they are used in power module applications. The tested
joints were able to resist 8000 short temperature cycles with a peak temperature of 200 °C and a
temperature amplitude of 120 °C. The joints provide long-term resistance up to 200 °C, which is
only 18 °C below the solidus temperature of the SAC305 solder matrix. Since the SAC305 reference
joints deteriorated much faster, the mesh inlet obviously enhanced the performance. Here, we
discuss the key influencing factors based on the study.

(a) IMC thickening
The SAC305 joints in the Si-to-DBC samples strongly suffered from degradation at the Si
interface. Figs. 4.29 (a) and (b) confirm that cracking preferentially propagated through or close to
the IMC layer on the Si chip. The solder-mesh composite joint slowed down the degradation at the
edges and prevented the interconnection from failing in the central parts. An 8-μm-thick IMC layer
emerged in the thinner (110-μm-thick) SAC305 and CMS composite joints after 2000 and 8000
cycles, respectively. Furthermore, the NMS joints only formed 5-μm-thick IMC layers after 8000
cycles. The results of the annealing experiments confirmed the influence of the mesh on the IMC
growth when the Cu-Sn ratio in the IMC on the substrate side varied with the mesh material. It is
known that (near-)IMC regions become more susceptible to cracking with increasing IMC thickness
[2], [5], which can particularly explain the brittle cracking within the IMC layers in the centers of
the SAC305 joints in Figs. 4.27 (a), (b), and 4.29 (a) and (b). Thus, the reduced IMC growth rates
in the solder–mesh composite joints helped improve the reliability due to the presence of the Cu and
Ni meshes, respectively. These aspects require further investigation.
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(b) Reduction of thermal expansion
The FE simulation results in Figs. 4.30 and 4.31 reveal that lower strain rates per temperature
cycle evolve in solder-mesh composite joints than in solder joints with 200 μm joint thickness. The
effect on the reliability can be estimated by using, for instance, the lifetime model developed by
Coffin-Manson:
𝑁 = 𝐴 ∙ Δ𝜀 ,

4.3

where Nf is the number of cycles to failure, Δεie is the strain increase per cycle, and A and b are the
material-dependent lifetime coefficient and exponent, respectively. The value of b for SAC305
solder can be narrowed down to a range between -1 and -2 [36]. Thus, a reduction of Δεie by 16%
and 18%, as suggested by the FE simulation results for CMS and NMS vs. SAC305 joints in Section
4.4.5, yields a lifetime increase by a factor of 1.19–1.42 for CMS composites and 1.22–1.49 for
NMS composites. Similar methods of assessing the lifetimes of solder joints have been successfully
used in various other studies [29]–[32], [36]. The positive effect is caused by the thermal expansion
coefficients of Cu and Ni being lower than that of SAC305 according to Table 4.1. The mesh inlet
decreased the thermal expansion of the solder material in its vicinity. The sphere of influence is
locally restricted, and the positive impact of the mesh on the critical stress and strain state at the Si
interface depends on the distance between the mesh and Si chip. According to the FE results in Fig.
4.31, only the thinner 200-μm-thick composite joints benefitted from reduced strain increase rates
relative to those of the SAC305 counterparts, whereas the near-interface solder alloys in the thicker
320-μm-thick composite joints suffered from the same loading without the mesh. Near-interface
stress reduction delays solder grain coarsening and cracking along grain boundaries, as described in
[27], [28]. Although a miniaturized model was used and the results cannot be directly scaled up for
the real geometry, this effect only contributes partly to the enhanced reliability.

(c) Cracking and degradation characteristics
The reliability of soldered semiconductor chips typically improves with increasing solder joint
thickness, which is in agreement with our experimental observations of 110- and 180-μm-thick
SAC305 solder joints and the results in Section 4.4.5. The solder-mesh composite joints had greater
thicknesses of 320 μm and 360 μm. However, it is not likely that a joint thickness increase by a
factor of 2 (180-μm-thick SAC305 vs. 360-μm-thick CMS) resulted in lifetime enhancement by a
factor of 8, as shown in Fig. 4.28. Moreover, solder-mesh composite joints apparently do not obey
the classical thickness-vs.-lifetime relationship. The thinner 320-μm-thick solder–mesh composite
joints deteriorated more slowly than the thicker 360-μm-thick ones during short cycles with Tmax =
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200 °C. It is assumed that the inverse thickness-vs.-lifetime correlation is linked to the interaction
between the cracking path and mesh. This hypothesis is supported by Fig. 4.29 (c), which reveals
the massive interaction between the crack and Cu mesh. The mesh and Si chip were separated by 65
μm. Many branches formed in the near-edge solder. On the contrary, the larger distance of 180 μm
between the Ni mesh and Si chip in Fig. 4.29 (d) led to a significantly weakened impact on the
cracking path. Consequently, the cracking could propagate more easily, i.e., farther, along the Si
interface during the same number of cycles. This hypothesis was supported by the thinner 320-μmthick composite joints. The CMS joint provoked the cracking path to reach even the lower substrate
side in Fig. 4.29 (e). When the Ni mesh was also located near the Si chip, according to Fig. 4.29 (f),
the reliability further improved, leading to an unbonded area of only 2% of the total area after 8000
cycles. The appearance of strain peaks at the positions of shortest distance between the mesh and
chip is revealed by the FE simulation results in Fig. 4.30 (c). The enhanced resistance of composite
joints against thermal fatigue is in agreement with the quasistatic shear test behavior in Section 4.4.3.
It was determined that the mesh provoked a unique cracking behavior with cohesive and interfacial
patterns, which was supposed to be more resistant than purely cohesive fracturing within the
SAC305 solder. Composite joints tend to be thicker than solder joints, and the thermal or electrical
resistance must be considered. The results in Section 4.4.3 showed that CMS joints can outperform
SAC305 joints in terms of resistance. A 300-μm-thick CMS joint can be expected to provide the
thermal resistance of a 150-μm-thick SAC305 joint. Thus, CMS joints have the potential to improve
the heat dissipation into the substrate and heat sink during service. The same power density would
lead to lower peak temperatures and thermally induced stresses in the semiconductor chip and joint,
which would improve the lifetime. In other words, the devices could be operated with the same
lifetime behavior but higher power densities.

(d) Other factors/future work
The mesh material may affect the reliability, although there were no pronounced differences
between Cu and Ni. It seems to be essential for the metallic mesh to be bonded metallurgically to
the solder, so that the solder–mesh interface does not become severely delaminated through the
elevated and cyclic temperatures.
The solder-mesh composite joints with the SAC305 matrix could be operated at a peak
temperature of 200 °C, which is only 18 °C below the solidus temperature of the solder. It is of great
interest to investigate whether such near-melting operation conditions can be applied to other soldermesh composites with higher melting points, such as composites with Sn-5Sb (TS = 237 °C), Bi11Ag (TS = 262 °C), Au-20Sn (TS = 280 °C), or Au-12Ge (TS = 356 °C) as the matrix material.
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Effects on the reliability of these solders in relation to their melting points similar to those observed
for SAC305 would significantly push the operation limits towards applications at temperatures far
greater than 200 °C.
The Cu and Ni meshes used in this study differed only slightly, and no geometry effects were
observed. However, it would be interesting to investigate the effects of different woven architectures.
The current study also indicated that the reliabilities and conductivities of solder-mesh composite
joints improve with decreasing joint thickness. Therefore, further experimental investigations of the
performance of thinner composite joints (with thicknesses of 200–300 μm) is of particular interest.

4.5.3. Advantages and potential issues
The characteristics of the Cu mesh-embedded solder composite revealed in this study are
described, as follows:


Young’s modulus of 33 GPa, estimated from the stiffening effect of 5%,



thermal conductivity of 70–94 W/m·K in the composite thickness of 300–350 μm,



shear strength of 51 MPa, and



durable temperature of 200 °C.

This composite material showed higher strength and thermal conductivity, comparing to monolithic
SAC305 or Pb-5Sn solders. The composite joint showed high temperature-tolerance against thermal
aging at 150 °C and also thermal cycling with peak temperature up to 200 °C despite low durable
temperature of the matrix solder. Additionally, from an industrial point of view, relatively low cost
and pressureless bonding process would be favorable to expand applications further. In contrast,
stiffness was estimated to be increased by metallic mesh inlet, which may be an issue for some
applications. The advantages and potential issues of this material can be described, as follows:




Advantages;


Good interconnection reliability,



good heat dissipation performance, and



low cost of materials and bonding apparatus.

Potential issues;


Moderate stress relaxation performance for power chips.

Considering the superior characteristics over monolithic solders, achieved by Cu mesh-inlet
reinforcement, and its compatibility of conventional solders would be suitable for next-generation
interconnections to replace conventional solder in mid-grade automotive power modules. For further
expansion of applications of the composite joint, utilization of higher-temperature tolerant solder
matrix would be beneficial for future work. Furthermore, softer solder matrix utilization may also
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enhance stress-relaxation performance for delicate die-attach solutions, which is of particular
interest.

4.6. Conclusions
The study verified the favorable compatibility between SAC305 solder and thin metallic Cu and
Ni mesh inlets. Residues (defects) within the composite joints were successfully removed through
process optimization. The microstructure and formation of IMCs at the solder-substrate and soldermetallic mesh interfaces, i.e. scallop-like Cu6Sn5 IMCs with Cu mesh and faceted Ni3Sn4 IMCs with
Ni mesh, were analyzed. Average shear strengths of 51.4, 44.8, and 44.1 MPa were found for CMS
composite, NMS composite, and SAC305 solder joints, respectively. A specific fracture pattern was
identified to result from the solder-substrate-mesh interaction, with a cracking path partly within
the solder and partly at the solder-metallic mesh interface. These fracture characteristics were
clarified by FE simulations that demonstrated the enhanced stiffness (+5%) of the CMS and NMS
composite joints. Further contribution to the reinforcement (+11%) was attributed to a locally
increased fracture resistance of CMS interfacial fractures. By contrast, local NMS fractures
compensated for the enhanced stiffness due to the more brittle characteristics of Ni3Sn4 IMC.
Thermal FE simulations indicated that in particular CMS composites can reduce the thermal
resistance of the interconnections which is equivalent to a better heat dissipation through the
bonding layer.
Their long-term stability against a constant elevated temperature of 150 °C was confirmed.
Additionally, the composite joints were cycled with peak temperatures up to 200 °C, while the
lifetimes improved by factors of 8 (or more) compared to those of the soldered counterparts. Since
the peak testing temperature was only 18 °C below the solidus line of the SAC305 solder matrix,
the potential of the solder alloy was exploited. The Cu mesh-embedded solder composite is attractive
low-cost joining solutions for mid-grade power modules.
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Chapter 5.

Cu-IMC-embedded polymer composite
(Bicontinuous composite)

5.1. Introduction
Chapter 2 suggests that the Cu (and/or Cu6Sn5)-embedded polymer composite provides
significantly low stiffness and high durable temperature. It should be beneficial to power electronics
interconnections, requiring high stress-relaxation. Contrary, the polymer matrix would limit the
composite thermal conductivity and strength because of its poor properties. Additionally, IMC brittle
properties should be carefully discussed for repetitive thermo-mechanical loading. Therefore, its
thermo-mechanical characteristics and applicability to high-temperature interconnections should be
studied.
TLPB has been expected to provide a high temperature endurance in power electronics industries
[1]–[6]. High-melting-point materials (Cu, Ag, and Ni) and low-melting-point materials (Sn or In)
are supplied as layers that isothermally solidify during processing. A process that uses mixed
powders is called TLPS [7]–[9]. In a Cu–Sn system, high-melting-point joints are composed of
Cu6Sn5 and Cu3Sn IMCs, which are formed at processing temperatures such as 300 °C. The Cu–Sn
system is relatively cost-effective and compatible with the electronics interconnections [10]–[12].
The Cu–Sn IMCs, Cu6Sn5 and Cu3Sn, have phase transformation temperatures of 415 and 640 °C,
respectively. Additionally, they have higher mechanical strengths and creep resistances compared to
conventional Sn-based solders [13]. Thus, they are suitable as strongly temperature-resistant
materials for power electronics applications. However, interfacial IMC layers have commonly been
treated as an issue of conventional soldering technologies because they are prone to crack initiation
and failure; for instance, the increase in IMC layer thickness degrades the mechanical properties of
the joints or bonding reliability because of the quite stiff and brittle properties of Cu–Sn IMCs [14]–
[16]. From the point of view of the IMCs morphology, a flat IMC surface reduces the thermal cycling
fatigue lifetime of the solder joint [17]. Even in the TLP technologies, the quite stiff and brittle
properties of the IMCs cause strength reduction or joint fracture through thermal cyclic operations
despite the higher durable temperature of the joints [18]–[22].
In this chapter, we propose a novel approach for stiffness reduction of TLPS joints by controlling
the microstructural morphology using a Cu-solder-resin composite paste as the bonding material,
where a skeleton shaped microstructure consisting of Cu particles connected with Cu–Sn IMC
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bridges partially filled with polyimide resin is observed. First, mechanical FE simulations of
simplified 2.5-dimensional (2.5D) models of the composite joints are performed to roughly estimate
the impact of the composite microstructure on the mechanical properties of the TLPS joints. Next,
the evolution of the TLPS Cu–Sn skeleton microstructure during thermal aging is evaluated by shear
strength tests, X-ray diffraction analysis, microstructure observation, and a fractographical method.
From these results, the microstructural and mechanical evolutions of the TLPS Cu–Sn skeleton
joints are discussed.
Subsequently, the unique microstructure of the TLPS joint is precisely evaluated using FE
simulations based on 3D image reconstruction to elucidate its macro- and micro-deformation
properties. The macroscopic mechanical properties of the TLPS microstructure are estimated
through computational tensile tests, where the composites are considered as homogenized materials.
The mechanical properties of the materials and the ambient temperature are varied to clarify their
effect on the stability of the joint. Structural FE simulations mimicking thermal cycling tests of SiCdie-attached specimens are used to predict their reliability by using the calculated homogenized
mechanical properties of the microstructure, which are compared with those obtained by
experimental thermal cycling results. In addition, the deformation behavior of the microstructure is
investigated to identify crack initiation sites microscopically.

5.2. Experimental method
5.2.1. Cu-solder-resin composite
The Cu-solder-resin composite, investigated in this paper, is a paste that mainly contains Cu
particles, SAC305 solder particles, and polyimide-type thermosetting resin. The melting point of
the solder is 218 °C. The cure temperature of the polyimide resin is 230–240 °C. The sizes of the
Cu particles and solder particles are approximately 10 and 3 μm, respectively. The content of the Cu
in wt.% is approximately three times higher than that of the solder, which is designed to consume
the solder through the formation of Cu–Sn IMCs. The content of the polyimide resin is
approximately 20% in volume within the total of the Cu, solder, and polyimide resin. The polyimide
resin is chosen by the curing temperature close to the melting point of the solder and by the soft
mechanical properties, whose yield strength is approximately 1 MPa, which was expected to easily
deform while embedded within the microstructure of the Cu and IMCs. The decomposition
temperature of the polyimide is greater than 400 °C. The paste after the reflow process was observed
by FE-SEM (SU8000, Hitachi High-Technologies Corporation).
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The thermal conductivity of TLPS films was measured at room temperature. The TLPS films
were sintered at 250 °C for 1 min with a heating rate of 30 °C/min from room temperature in a
nitrogen atmosphere without pressure. The specimens, which had approximate dimensions of 9 × 9
× 0.5 mm3, were fabricated by polishing the TLPS films. The thermal diffusivity and specific heat
capacity of the specimens were measured using the laser flash method (TC-7000, ULVAC RIKO,
Inc.) and differential scanning calorimetry (DSC, DSC7000X, Hitachi High-Technologies
Corporation), respectively. Three specimens were analyzed, with the thermal diffusivity obtained
from the average of three measurements per specimen. Thermal conductivity λ was calculated as
follows:
𝜆 = 𝛼 ∙ 𝜌 ∙ 𝑐,

5.1

where α, ρ, and c are the thermal diffusivity, apparent density, and specific heat of the TLPS films,
respectively.

5.2.2. Thermal aging test
Fig. 5.1 shows an illustration of the die-attached specimen for thermal aging tests. Kovar (Ni–
Co–Fe alloy) chips were bonded onto DBC substrates, composed of two 0.3-mm-thick Cu electrodes
bonded to a 0.6-mm-thick Si3N4 substrate. The chips had dimensions of 7 × 7 × 2 mm3 and a Ni/Au
surface metallization. The thickness of the Ni and Au metallization was 2.0 and 0.1 µm, respectively.
Before bonding, the chips were mounted onto the composite paste, which was printed on the
substrate with a 100-µm thickness in advance. According to the temperature profile shown in Fig.
5.2, the specimens were preheated at 100 °C for 60 min and bonded at 250 °C for 1 min in a reflow
furnace (VSU28, Invacu, Ltd., Burgas, Bulgaria). The preheating step was carried out to evaporate
any solvent contained in the paste, which can inhibit from uniform sintering. The heating step was
performed in a nitrogen atmosphere. No pressure was applied in this heating process.
The die-attached specimens were subjected to thermal aging testing at 150, 175, and 200 °C for
500 or 1000 h in air. Analyses of the cross-sections and fracture surfaces of the aged specimens were
performed by FE-SEM and EDX (EMAX Evolution, HORIBA, Ltd., Kyoto, Japan). The crystal
structure of each phase in the TLPS layer was identified by X-ray diffraction (XRD; D8 DISCOVER,
Bruker Corporation, Billerica, MA, USA) apparatus, as shown in Fig. 5.3. The specimens for XRD
were prepared by a tilted cross-sectioning method for resin-molded specimens. The die-attached
specimens were subjected to shear tests with a cross head speed of 100 µm/s at room temperature
by a bond tester (CONDOR 150, XYZTEC). The average value of the two samples was regarded as
the shear strength. After the shear test, the fracture surfaces were analyzed using FE-SEM and EDX.
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Fig. 5.1. Illustration of a die-attached specimen.

Fig. 5.2. Temperature profile during bonding process.

Fig. 5.3. XRD method using tilted cross-sectioning: (a) Before cross-sectioning, (b) after crosssectioning, (c) schematic of XRD arrangement, and (d) irradiated area of the TLPS layer.
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5.2.3. Thermal cycling test
Fig. 5.4 shows an illustration of the SiC-die-attached specimen for thermal cycling tests. SiC
power chips were bonded onto the DBC substrates. The power chips had approximate dimensions
of 8 × 8 × 0.3mm3 and a Ni/Au surface metallization. The preheating and reflow steps based on the
temperature profile, as mentioned in Section 5.2.2, were carried out using a reflow furnace
(MICROView core9046a, CORES Corporation).
Thermal cycling tests of the die-attached specimens were performed using a thermal cycling
chamber (TSA-73EH, ESPEC CORP.) in the temperature range from −55 °C to 175 °C with a dwell
time of 15 min at both minimum and maximum temperatures. The die-attached specimens bonded
by a commercial SAC305 solder paste were also subjected to the thermal cycling tests for
comparison. Six joints of each type were tested. Nondestructive observations of the die- attached
layers were performed every 300 thermal cycles using SAT (FineSAT III, Hitachi Power Solutions
Co., Ltd.). The resolution of the SAT we used is estimated to be 0.1 mm × 0.1 mm. The ratio of
unbonded areas was obtained from the SAT images binarized using image editing software. After
thermal cycling tests, a representative joint was selected from the six joints of each type, and crosssectional SEM images were recorded.

Fig. 5.4. Illustration of a SiC-die-attached specimen.

5.3. Finite element analysis
5.3.1. Simplified 2.5D model
Mechanical FE simulations of simplified model of the TLPS joint were performed using Ansys
Workbench 17.2. A 2.5D FE model was set-up and consisted of the SiC chip, the Cu electrode of the
DBC substrate, and the joint in between the chip and electrode. The complex microstructure of the
joint was simplified by modeling Cu particles, connected by Cu6Sn5 IMCs, as homogeneously
distributed within the polyimide resin matrix. Elasto-plastic properties were considered for the Cu
and polyimide resin, whereas the SiC and IMC were modeled as linear-elastic. The relevant
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parameters of the materials are summarized in Table 5.1 [23]–[25]. The parameters of the polyimide
resin were measured by tensile tests of the cured polyimide resin film.
The 2.5D FE model is illustrated in Fig. 5.5. Ideal contact was assumed between all interfaces.
The model consists of cubic elements with an average edge length of 3 and 1 μm in the joint and the
substrates, respectively. A systematic numerical parameter study was performed in which the single
Cu particles were increasingly linked to each other and to both substrates by primary (vertical) and
secondary (horizontal) IMC interconnections. An external force F was applied to the upper SiC chip
in order to mimic the shear test conditions. The force F was an input parameter, whereas the
displacement of the upper substrate u was obtained during the simulation.

Table 5.1. Summary of relevant properties of materials [23]–[25].
Material

Young’s modulus
E
[GPa]

Yield strength
σy
[MPa]

SiC
Cu6Sn5
Cu
Resin

410
102
100
0.06

--53
1

Ultimate tensile
strength
σUTS
[MPa]
--240
4

Fig. 5.5. 2.5D FE model of a SiC-Cu joint with Cu particles embedded in resin and connected by
primary and secondary IMC interconnections.
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5.3.2. 3D-image-reconstructed model
(a) Modeling of the Cu-IMC-resin microstructure based on 3D image reconstruction
3D image reconstruction of the serial cross-sectional SEM images provided useful insights about
the mechanical properties of the Cu-IMC-resin microstructure. Fig. 5.6 shows the segmentation flow
of these images. The resolution of the original SEM images was 0.06 μm/pixel. These images were
segmented into three regions, which were Cu, IMCs, and polyimide resin, based on their brightness
using a commercial image processing software, Amira, as shown in Figs. 5.6 (b) and (c). The
subsequent steps were performed by an image processing and meshing software, Scan IP,
Simpleware. These steps included resizing of the images into the resolution of 0.5 μm/pixel and
Gaussian smoothing, as shown in Fig. 5.6 (d). The latter was done to reduce the number of FE mesh
cells. Finally, the images were resegmentated to remove the tiny cavities and islands, whose sizes
were approximately less than 1 μm, as shown in Fig. 5.6 (e). Figs. 5.7 and 5.8 show the reconstructed
cubic 3D model with sizes of 15 and 50 μm, respectively. These models were composed of quadratic
hexahedral elements, where the number of nodes and elements in the 15- and 50-μm-sized model
were 118,305 and 65,919, and 1,535,038 and 833,105, respectively. The volume fractions of Cu,
IMC, and polyimide resin in the latter model were 24.0, 32.7, and 43.3%, respectively.

(a)

(b)

(c)

(d)

(e)

Fig. 5.6. Segmentation flow of the Cu-IMC-resin microstructure composed of Cu, Cu-Sn IMC, and
polyimide resin. (a) Illustration of stacked SEM images, (b) preprocessed SEM image, (c) Otsu
segmentation of the image, (d) image after Gaussian smoothing, and (e) resegmentated image.
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Fig. 5.7. Cu-IMC-resin model of 15-μm-size for FE analysis, which is based on 3D image
reconstruction. The model comprises Cu (green), IMC (pink), and resin (light blue).

Fig. 5.8. Cu-IMC-resin model of 50-μm-size for FE analysis, which is based on 3D image
reconstruction. The model comprises Cu (green), IMC (pink), and resin (invisible).
Mechanical FE simulations were performed to estimate the macro- and micro-deformation
properties of the microstructure using the commercial software, ANSYS Workbench 18.2 [26]. The
15-μm-sized model (Fig. 5.7) was used to predict the effect of IMC and resin on the homogenized
mechanical properties. The model was divided into regions A, B, and C, which represented the
presence of Cu, IMC, and resin, respectively. The 1/8 model was used for FE analysis considering
the symmetry conditions. Ideal contact was assumed between all the interfaces. An external
displacement of 0.075 μm along the x-axis, equivalent to the macroscopic strain of 0.5%, was
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applied to the yz-surface of the FE model. Ambient temperatures of −55, 22, 100, and 175 °C were
considered in the simulations. The homogenized nominal stress-stain curves of the microstructure
were calculated at each temperature from the displacement u and the averaged reaction force F on
the surface subjected to external displacement, using the following expressions:
𝜎=

𝐹
,
𝐿

5.2

𝜀=

𝑢
,
𝐿

5.3

where L is the size of the cubic model. The homogenized Young’s modulus and the yield strength
were obtained from these curves.
A parameter study was performed based on the cases shown in Table 5.2, where the impacts of
materials properties in the regions B (IMC) and C (resin) on the microstructure were validated. The
properties of polyimide resin were obtained using tensile tests of the cured polyimide resin film,
and that of the epoxy resin (reference) were acquired from its commercial specifications. Further,
air instead of resins was considered as the region C in the cases for comparison to clarify the impact
of the mechanical properties of resins on the homogenized properties. Furthermore, the cases with
SAC305 instead of IMC as the region B were also examined to clarify its effect on the homogenized
properties. The relevant parameters of the materials are summarized in Tables 5.3 and 5.4 [23]–[25],
[27]–[29]. Cu, SAC305, and resins were considered as multi-linear elastoplastic materials with the
isotropic hardening described as follows:
𝐸𝜀
𝜎
𝜎=
𝜀
𝜎

−𝜎
∙ 𝜀−𝜀
−𝜀

0≤𝜀≤𝜀
+𝜎

𝜀 <𝜀≤𝜀
𝜀>𝜀

5.4

.

In contrast, all the other materials were modeled as linear elastic. The mechanical properties of Cu,
SAC305, and polyimide resin were considered to be temperature dependent.
The utilization of 15-μm-sized model for the analysis provided a quick and efficient prediction
of the effect of IMC and resin on the homogenized mechanical properties, whereas that of the 50μm-sized model provided detailed information about these properties. For the latter, symmetry
conditions, ideal contact between all interfaces, and ambient temperature were considered similar
to the former method. An external displacement of 0.5 μm along the x, y, and z axes, which is
equivalent to the macroscopic strain of 1%, was applied to the yz-, zx-, and xy-surfaces for uniaxial
tensile test, respectively. The homogenized properties of the Cu-IMC-resin microstructure, i.e.,
nominal stress-strain relations, Young’s modulus, and yield strength, at each temperature were
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calculated using the similar approach described above. Moreover, the homogenized Poisson’s ratio
was calculated from the average displacement of each edge surface of the cubic model against the
external load, and the homogenized CTE was calculated from the average displacement while the
temperature changed from 22 to 30 °C.
Table 5.2. FE analysis by 15-μm-sized model.
Case
Cu-IMC-resin (PI)
Cu-IMC-resin (Epoxy)
Cu-IMC-air
Cu-SAC-resin (PI)
Cu-SAC-resin (Epoxy)
Cu-SAC-air

Regions
B
C
IMC (Cu6Sn5) Polyimide-resin
IMC (Cu6Sn5)
Epoxy-resin
Air
IMC (Cu6Sn5)
SAC305
Polyimide-resin
SAC305
Epoxy-resin
SAC305
Air

A
Cu
Cu
Cu
Cu
Cu
Cu

Table 5.3. Summary of selected physical properties used in this study; data is from [23]–[25],
[27]–[29].
Young’s
Modulus
E (GPa)
410
314
96 (0 °C)
88 (300 °C)

Yield
Strength
σY (MPa)
--52 (0 °C)
42 (300 °C)

Ultimate
Tensile Strength
σUTS (MPa)
--240 (0 °C)
178 (300 °C)

IMC
(Cu6Sn5)

102

--

SAC305

46 (RT)
35 (100 °C)
4 (200 °C)

45 (RT)
15 (125 °C)
3 (200 °C)

Material
SiC
Si3N4
Cu

3.8
3.0

Poisson’s
Ratio
ν
0.33
0.33

16.7

0.33

--

18.3

0.31

58 (RT)
23 (125 °C)
4 (200 °C)

21.2 (RT)
22.0 (100 °C)
22.5 (200 °C)

0.36

CTE
α (10−6/°C)

Table 5.4. Physical properties of resin used in FE analysis.
Type of Resin

Polyimideresin, used in
this study
Epoxy-resin

Young’s
Modulus
E (GPa)
0.120
(−40 °C)
0.021 (RT)
0.004
(100 °C)
0.001
(150 °C)
2.0

Yield
Strength
σY (MPa)

Ultimate Tensile
Strength
σUTS (MPa)

4.0 (−40 °C)

16.4 (−40 °C)

1.0 (RT)

4.0 (RT °C)

0.2 (100 °C)

0.7 (100 °C)

0.1 (150 °C)

0.2 (150 °C)

30

70
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CTE
α
(10−6/°C)

Poisson’s
Ratio
ν

38.0

0.37

38.0

0.37

(b) SiC-DBC model based on homogenized properties of Cu-IMC-resin
A 3D FE model was set up using ANSYS Workbench 18.2, which is shown in Fig. 5.9. It consists
of a bonding layer sandwiched between a SiC chip and DBC substrate. Homogenized mechanical
properties estimated from the Cu-IMC-resin model based on 3D image reconstruction were used.
These properties were considered as the average of the calculated results for loading along x-, y-,
and z-axis directions. The other material properties are listed in Table 5.3. Dimensions of 8 × 8 ×
0.3 mm, 8 × 8 × 0.07 mm, 12 × 12 × 0.3 mm, and 12 × 12 × 0.6 mm were chosen for the SiC chip,
bonding layer (Cu-IMC-resin, IMC (Cu6Sn5), or SAC305), Cu electrode, and Si3N4 substrate,
respectively. Here, the 1/4 model was used for FE analysis considering the symmetry conditions.
Quadratic hexahedral elements were used, where the number of nodes and elements in the model
were 105,299 and 22,300, respectively. Macroscopic strain, which was used for the microscopic
simulations to locally identify the crack initiation sites in the model, was calculated for ten steadystate cycles in which the temperature oscillated between −55 and 175 °C. Thermal stress and strain
were generated due to the CTE mismatch of the constituent materials during the temperature
variation.

Fig. 5.9. Silicon carbide-direct bonded copper (SiC-DBC) FE model for temperature cycling
simulations. The sizes of the SiC chip and DBC substrate are 8 × 8 mm, and 12 × 12 mm, respectively.

5.4. Results
5.4.1. Bonding evaluation
Fig. 5.10 (a) shows an SEM image of the composite paste heated up to 205 °C in an open nitrogen
atmosphere. Gray particles represent Cu, while white particles represent the solder. These spherical
particles, which are homogeneously independent of each other, were observed at this temperature.
The morphology of the paste at 205 °C shows no apparent variation from the unheated state. At the
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melting point of the solder of 220 °C, the Cu particles are connected through Cu–Sn IMCs, which
are light-gray colored in Fig. 5.10 (b). When the composite paste is heated up to 220, 250, and
275 °C, little variation is found according to Figs. 5.10 (b)–(d). The morphology of the heated paste
over 220 °C is a homogeneously distributed network-shaped structure. The thermal conductivity
analysis showed that the value of the TLPS film sintered at 250 °C is 25.9 W/m·K, as shown in
Table 5.5. Fig. 5.11 shows the shear strengths of the SiC-DBC joints bonded at different
temperatures. Above the melting point of the solder of 220 °C, the strengths are approximately 12
MPa. The strengths of the samples bonded between 220 and 275 °C vary by just a small amount
despite the curing of the polyimide resin at 230–240 °C.

(a)

(b)

(c)

(d)

Fig. 5.10. SEM images of Cu-solder-resin composite paste heated up to (a) 205, (b) 220, (c) 250,
and (d) 275 °C in nitrogen atmosphere.
Table 5.5. Thermal conductivity of the sintered Cu-solder-resin composite film.
Thermal diffusivity

Apparent density

Specific heat

Thermal conductivity

a

ρ

c

λ

[m2/s]

[g/mm3]

[J/g∙K]

[W/m∙K]

13.8 × 10-6

4.90 × 10-3

0.383

25.9
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Fig. 5.11. Shear strengths of TLPS joints bonded at different temperatures.
Next, the FE analyses of the 2.5D-simplified model, as shown in Section 5.3.1, were evaluated.
The calculated distribution of displacement u in the loading direction is visualized in Fig. 5.12. It
can be qualitatively seen that the interconnection density strongly affects the macro- and
microscopic deformation behavior of the joints. Similar characteristics are found when the joint
consists of only resin in Fig. 5.12 (a) and resin with Cu particles without IMC connections in Fig.
5.12 (b). The deformation in these two cases is governed by the properties of the resin. As a result,
stresses higher than 2 MPa could not be applied, because of the severe plastic material flow. Thus,
these models do not represent the experimental cases. On the contrary, the connections between the
particles and the substrates, as shown in Figs. 5.12 (c) and (d), enabled the application of loads that
are in the range of the experimental shear strength.
This effect is further quantified by the three-dimensional plot in Fig. 5.13 where the joint
stiffness S was calculated as a function of the number of primary and secondary interconnections
per unit length according to
𝑆=

𝐹
∙ 𝑢,
𝐴

5.5

where A is the cross-sectional area of the joint. This result indicates that the joint properties strongly
depend on the density of interconnection lines within the resin matrix. Moreover, primary
interconnections that link the upper substrate to the lower substrate are more important. Secondary
interconnections themselves do not contribute much to the joint stiffness. However, these provide
an additional reinforcement effect in combination with the primary ones. The joint stiffness S can
vary by up to two orders of magnitude, as can be derived from the logarithmic scale in Fig. 5.13.
The simulation also proved that the necks between the particles mainly carry the external load,
whereas the experimental observations indicated that these connections result from IMC formation
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during processing. Thus, it is suggested that the microstructure of the “TLPS-skeleton” structure
would strongly affect the joint reliability against thermal cyclic loading. Detailed computational and
experimental results are described in the latter Section 5.4.3.

(a)

(b)

(c)

(d)

Fig. 5.12. Distribution of displacement u (in loading direction) with primary/secondary IMC
interconnections: (a) 0/0 (only resin), (b) 0/0 (with Cu particles), (c) 2/0, and (d) 2/2.

Fig. 5.13. Calculated joint stiffness S as a function of primary and secondary IMC interconnections
per unit length.

131

5.4.2. Thermal aging characterization
Fig. 5.14 presents XRD results of the Cu-solder-resin composite paste and a bonding layer in
the as-bonded state. Sn, Ag3Sn, and Cu peaks are detected in the composite paste, while Cu6Sn5,
Cu3Sn, Ag3Sn, and Cu peaks are detected in the as-bonded state. In the as-bonded state, the Sn peaks,
which are detected in the composite paste, fully disappear, while the Cu6Sn5 and Cu3Sn peaks appear.
The disappearance of Sn and appearance of Cu–Sn IMCs could have occurred through isothermal
solidification reactions between the Cu particles and solder particles during bonding. A crosssectional SEM image of the as-bonded TLPS joint is shown in Fig. 5.15, which indicates that the
dark gray Cu particles are connected with the light gray bridges of the Cu–Sn IMCs within a black
polyimide resin matrix. This shows the unique microstructure of the TLPS joint, which is a Cu-IMC
skeleton shaped microstructure partially filled with polyimide resin. Fig. 5.16 (a) shows the
magnified structures of the chip side interface. (Cu,Ni)6Sn5 is observed on the Ni/Au metalized chip
surface, and no intermediate layers are detected between them. An intermediate layer composed of
Cu3Sn IMCs is observed between the Cu particles and (Cu,Ni)6Sn5 IMCs. Fig. 5.16 (b) shows the
substrate side interface, where Cu6Sn5 IMCs are observed on the Cu electrode of the substrate with
an intermediate layer of Cu3Sn IMCs. These phases were confirmed by EDX results, as shown in
Table 5.6. Additionally, it should be noted that submicron voids are observed in the Cu3Sn layer, as
shown in Fig. 5.16. The submicron voids are observed in the Cu3Sn layer on the Cu particles but not
on the Cu substrate.

Fig. 5.14. XRD patterns of the Cu-solder-resin composite paste and the as-bonded TLPS bonding
layer.
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Fig. 5.15. Cross-sectional SEM image of an as-bonded TLPS joint.

Fig. 5.16. Cross-sectional SEM images of the interfaces between the bonding layer and (a) chip and
(b) substrate, as-bonded.
Table 5.6. Chemical composition (at.%) in the marked areas in Fig. 5.16 measured by EDX
spectroscopy.
Area
1
2
3
4

Cu
73.8
44.2
75.6
56.0

Sn
25.0
44.6
24.4
44.0

Ni
-5.3
---

Au
1.2
6.0
---

Phase
Cu3Sn
(Cu,Ni)6Sn5 + Au
Cu3Sn
Cu6Sn5

Cross-sectional SEM images of the TLPS joints aged at 150, 175, and 200 °C for 1000 h, which
are shown in Fig. 5.17, show little change compared to the as-bonded state, as shown in Fig. 5.15.
The XRD results of the TLPS bonding layer aged at 150, 175, and 200 °C for 1000 h, as shown in
Fig. 5.18, show that Cu, Ag3Sn, and Cu3Sn peaks—and no Cu6Sn5 peaks—are detected in the aged
state. This indicates that the Cu6Sn5, which are detected only in the as-bonded state, fully
transformed into the Cu3Sn phase during the thermal aging for 1000 h. Focusing on the interfacial
microstructure on the chip side (Fig. 5.19 and Table 5.7) surface and substrate side (Fig. 5.20 and
Table 5.8) surface, both the Cu3Sn phase and residual (Cu,Ni)6Sn5 phase are observed at the chip
side interface, whereas only the Cu3Sn phase is observed at the substrate side interface. Although a
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small amount of the (Cu,Ni)6Sn5 phase could remain because of the Ni dissolution from the chip
metallization, it can be concluded from these XRD and EDX results that the highest amount of the
Cu6Sn5 phase, as seen in the as-bonded state, transforms into Cu3Sn through the thermal aging. In
addition, it should be noted that the number of submicron voids at the interface between the Cu3Sn
and Cu particles apparently increases through the thermal aging, as can be seen from a comparison
between Fig. 5.16 (as-bonded) and Figs. 5.19 and 5.20 (aged).

Fig. 5.17. Cross-sectional SEM images of a TLPS joint aged at (a) 150, (b) 175, and (c) 200 °C for
1000 h.
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Fig. 5.18. XRD patterns of the TLPS bonding layer as-bonded and aged at 150, 175, and 200 °C for
1000 h.

Fig. 5.19. Cross-sectional SEM images of the interfaces between the bonding layer and chip aged at
(a) 150, (b) 175, and (c) 200 °C for 1000 h.
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Table 5.7. Chemical composition (at.%) in the marked areas in Fig. 5.19 measured by EDX
spectroscopy.
Aging Condition
150 °C 1000 h
175 °C 1000 h
200 °C 1000 h

Area
1
2
3
4
5
6

Cu
74.2
46.9
72.8
47.8
71.7
47.6

Sn
24.7
42.0
26.0
36.3
26.6
38.4

Ni
-4.1
-4.4
-5.8

Au
1.0
7.1
1.2
11.5
1.7
8.1

Phase
Cu3Sn
(Cu,Ni)6Sn5 + Au
Cu3Sn
(Cu,Ni)6Sn5 + Au
Cu3Sn
(Cu,Ni)6Sn5 + Au

Fig. 5.20. Cross-sectional SEM images of the interfaces between the bonding layer and substrate
aged at (a) 150, (b) 175, and (c) 200 °C for 1000 h.
Table 5.8. Chemical composition (at.%) in the marked areas in Figure 5.20 measured by EDX
spectroscopy.
Aging Condition
150 °C 1000 h
175 °C 1000 h
200 °C 1000 h

Area
1
2
3
4
5
6

Cu
75.7
73.1
73.6
78.7
75.5
76.1
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Sn
24.3
26.9
26.4
21.3
24.5
23.9

Ni
-------

Au
-------

Phase
Cu3Sn
Cu3Sn
Cu3Sn
Cu3Sn
Cu3Sn
Cu3Sn

Fig. 5.21 illustrates the relationship between the shear strengths of the TLPS joints and aging
conditions. The shear strength of the as-bonded joints is approximately 22.1 MPa. During the aging
process, the shear strengths aged at 150 and 175 °C increase from 22.1 to 24.4 and 27.4 MPa in the
first 500 h, respectively; afterward, they decrease to 22.8 and 24.0 MPa, respectively, after 1000 h.
In contrast, that aged at 200 °C remains constant in the first 500 h and slightly decreases afterward
to 19.0 MPa after 1000 h. The lowest shear strength of all the aged specimens is approximately 19
MPa, which is quite high when compared to the requirement of MIL-STD-883, Method 2019.7 (>0.5
MPa, 7 × 7 mm in die-size). This indicates that the joints could be applied to high-temperature
applications with an excellent shear strength stability. The representative fracture surfaces of the asbonded and aged specimens are shown in Fig. 5.22. The fractography of the as-bonded specimen
shows a brittle fracture surface on the Cu6Sn5, as shown in Fig. 5.22 (a,b). The fractography of the
aged specimens also shows a brittle surface. However, a fracture clearly appears at the interface
between Cu and Cu3Sn, as shown in Fig. 5.22(c)–(h). The morphology of the fractured surface
appears similar to a “boiled egg” and “peeled eggshell”, which represents the Cu particle and Cu3Sn
layer covering them. Such unique fracture surfaces are observed only on the aged specimens. Based
on the results, the change in the fracture behavior could have occurred by the microstructural
variation through thermal aging.

Fig. 5.21. Shear strengths of TLPS joints aged at 150, 175, and 200 °C for 1000 h.
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Fig. 5.22. Fracture surfaces of the joints (a,b) as-bonded and aged at (c,d) 150, (e,f) 175, and (g,h)
200 °C for 1000 h.
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5.4.3. Macro-deformation behavior
Fig. 5.23 shows the homogenized Young’s modulus and yield strength calculated at each
temperature using the 15-μm-sized models of Cu-IMC-resin and Cu-SAC-resin, where the resin
region is polyimide, epoxy, or air; the values are normalized with respect to that of the Cu-IMCresin at 22 °C. The normalized homogenized Young’s modulus of the Cu-IMC-resin is stable against
temperature, whereas that of the Cu-SAC-resin decreases with the increase of temperature. The yield
strength shows a similar trend (Fig. 5.23 (b)). These trends indicate the stability of properties in Cu
and IMC against temperature variations as compared to SAC. In addition, the Young’s modulus and
yield strength in the models with polyimide resin and air exhibit a minor difference. Thus, these FE
results suggest that the IMC inhibits “softening” at high temperatures accompanied by a reduction
in the Young’s modulus and yield strength, which is a significant advantage over SAC solder.
Moreover, the load-bearing capacity of polyimide resin is very small due to its softness.

(a)

(b)

Fig. 5.23 Temperature dependence of the homogenized (a) Young’s modulus and (b) yield strength
calculated by the 15-μm-sized models of Cu-IMC-resin and Cu-SAC-resin, where the resin region
is polyimide, epoxy, or air. The values are normalized by that of the Cu-IMC-resin (PI) at 22 °C.
Fig. 5.24 shows the homogenized nominal strain–stress curves and mechanical properties
calculated with the 50-μm-sized model. Here, the polyimide resin part is neglected for reducing the
calculation elements of the model based on the results shown in Fig. 5.23. Although the IMC is
considered as a linear elastic material, the curves show a deformation behavior with a yield point.
The Cu-IMC-resin microstructure exhibits isotropicity, i.e., there is a negligible difference between
the obtained properties along the three load-directions. The Young’s modulus of the Cu-IMC-resin
composite (11.3 GPa) is significantly smaller than that of IMC (Cu6Sn5, 102 GPa). Moreover, the
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modulus of the Cu-IMC-resin microstructure is 1/3 times smaller than that of the solder (SAC305,
31 GPa) also. This implies that the Cu-IMC-resin microstructure shows significantly low stiffness
compared to the IMC and solder. In addition, CTE is 17.8 × 10−6/°C. The temperature dependence
of the homogenized yield strengths was also evaluated using the same method as described before
at various ambient temperatures from −55 to 175 °C. The calculated yield strengths at −55, 22, 100,
and 175 °C are 17.4 (+0.6%), 17.3 (reference), 17.0 (−1.9%), and 16.7 MPa (−3.7%), respectively.
For comparison, those of the SAC305 solder at 22, 100, and 200 °C are 45 (reference), 15 (−66.7%),
and 3 MPa (−93.3%), respectively [28], [29]. These results confirm that the Cu-IMC-resin
microstructure exhibits remarkably stable mechanical characteristics against temperature variation.

Fig. 5.24. Deformation properties calculated by the 50-μm-sized Cu-IMC-resin microstructure
model based on 3D image reconstruction at 22 °C.
5.4.4. Reliability of TLPS joints during thermal cycling
To evaluate the long-term bonding reliability in an accelerated manner, thermal cycling tests
were carried out with the TLPS joints and SAC305 solder joints. Fig. 5.25 shows the relationship
between the ratio of the unbonded area of these joints and the temperature cycles, where the SAT
images of the TLPS joint after 1,200 thermal cycles and the SAC305 joint after 600 thermal cycles
are shown. The resolution of the SAT, which is approximately 0.1 mm × 0.1 mm, is insufficient to
detect the resin region of the Cu-Sn structure; in other words, we could easily distinguish the
unbonded area from the resin region contained within the Cu-Sn structure. The unbonded area of
the TLPS joints did not increase during thermal cycling, whereas that of the SAC305 joints increased.
Cross-sectional SEM images of the TLPS joint after 1,200 thermal cycles and the solder joint after
600 thermal cycles are presented in Fig. 5.26. The thicknesses of the die-attached layers were not
the same: the thicknesses of the TLPS and the SAC305 are approximately 70 μm and 80 μm,
respectively. A thinner die-attached layer generally accelerates crack propagation [30]; however,
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cracks were observed at neither the middle nor the corner of the chip within the die-attached layer
of the TLPS, whereas propagated cracks are observed within that of the SAC305 solder joint at both
the middle and the corner of the chip. These observations confirm that the TLPS joints are more
reliable than the SAC305 solder joints, i.e., the former exhibits fewer crucial delamination or cracks,
which are less likely to affect heat dissipation.

(b)

(a)

(c)

Fig. 5.25. Unbonded area of TLPS and SAC305 solder joints through 1200 thermal cycles in the
temperature range of –55 to 175 °C.
(a)

(b)

(c)

(d)

Fig. 5.26. Cross-sectional SEM image of (a, b) a TLPS joint after 1,200 thermal cycles and (c, d)
a SAC305 solder joint after 600 thermal cycles in the temperature range from –55 °C to 175 °C. (a,
c) and (b, d) show the middle and the corner of the chips, respectively.
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Fig. 5.27 shows the FE simulation results of the thermal cycling tests for the SiC-DBC joint
bonded by the TLPS layer, where the homogenized properties based on 3D image reconstruction are
used. The joints exhibit strain peaks at the edges and corners of the bonding layer, where cracks
were expected, as shown in Figs. 5.27 (a) and (b). The homogenized TLPS joint shows the maximum
strain ~ 0.4%, which was generated during the thermal cycle with minimum temperature. In contrast,
quite low Mises stress was generated in the TLPS layer as compared to that in the DBC substrate.
In addition, no stress concentration on the DBC substrate was identified, as shown in Figs. 5.27 (c)
and (d). The relationships between the number of thermal cycles and the calculated Mises strain and
stress are shown in Figs. 5.28 (a), (b), respectively. Remarkably, the Mises strain of the homogenized
TLPS joint, as shown in Fig. 5.28 (a), did not increase through the cycles, while that of the SAC305
joint increased in every cycle. Further, the normalized Mises stress, as shown in Fig. 5.28 (b), of the
homogenized TLPS joint (0.08, −92%) is much lower than that of IMC (1.00, reference) and
SAC305 (0.11, −89%). These results suggest that the TLPS facilitates the reduction of the both
strain and stress macroscopically through thermal cycling.
Total strain

(a)

(b)

Mises stress

(c)
(d)
Fig. 5.27. FE simulation results of total strain distribution (a) at cross-sections along the diagonal
axis of the joint and (b) in the transient liquid-phase sintering (TLPS) bonding layer. Simulated
Mises stress distribution (c) at cross-sections along the diagonal axis of the joint and (d) in the TLPS
bonding layer at minimum temperature during the thermal cycling.
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Stress

Strain

(a)

(b)

Fig. 5.28. Evolution of calculated (a) normalized Mises strain and (b) Mises stress in TLPS, SAC305,
and IMC (Cu6Sn5) joints during the ten thermal cycles.

5.5. Discussion
5.5.1 Bonding characteristics
The novel Cu-IMC-resin composite joints were successfully obtained through the pressureless
TLPS technique in this study. During processing, the melting of the solder and curing of the resin
occurred at 220 and 230–240 °C, respectively. The Cu6Sn5 and Cu3Sn were quickly generated during
the bonding process below 250 °C. The morphology of the composite paste heated up from 250 to
275 °C shows little variation in Figs. 5.10 (c) and (d), and the shear tests also show small differences
in the joint strengths bonded at these temperatures, as shown in Fig. 5.11 in Section 5.4.1. These
results indicate that the molten solder over 220 °C rapidly transformed into Cu-Sn IMCs in this
study. However, other studies have reported significant changes in the joint strengths with the
increase in the bonding temperature or increase in the duration owing to the growth in IMC thickness
[31], [32]. The quick formation of these Cu-Sn IMCs should have occurred because of the large
reaction surface area between the micron-sized Cu and solder particles. Fig. 5.29 shows illustrations
of the TLPS process using the Cu-solder-resin composite. After heating up to the melting point of
the solder, the transient liquid solder spreads over the surface of the Cu particles, the substrate, and
the chip. After wetting, the solder rapidly transforms into Cu-Sn IMCs. This isothermal
solidification reaction generates a skeleton microstructure, which is composed of Cu cores and IMC
bridges. The thermosetting resin is cured in the empty space of the skeleton microstructure at the
soldering temperature.
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(a)

(b)

(c)

Fig. 5.29. Illustrations of TLPS process using Cu-solder-resin composite (a) before, (b) during, and
(c) after process.
The polyimide thermosetting resin with soft mechanical properties, e.g., yield strength of
approximately 1 MPa, was utilized in the composite paste in this study. The cured resin filled the
network microstructure composed of Cu and IMCs in the joints. The shear test results indicated little
variation in the joint strengths bonded at 220 and 250 °C, that is, the variation in the joint strengths
was 1–2 MPa before/after the curing temperature of 230–240 °C. These results indicate that the
polyimide resin itself had little impact on the mechanical properties of the TLPS joints. This is also
supported by the FEM results, where shear stresses higher than 2 MPa could not be applied, because
of the severe plastic material flow in the cases of resin-only and resin with Cu particles without IMC
connections. In other words, the joint strength over 12 MPa, shown in the experimental section, was
mainly acquired by a network of connections composed of Cu and IMCs in the joints. These results
suggest that the polyimide resin plays the role of a “spacer” in the composite microstructure, thus
enabling the inherent skeleton-shaped microstructure composed of Cu and Cu–Sn IMCs; the
reliability of the joints at high temperatures should not be limited by resin deterioration.
The results of FE analysis suggested the stable mechanical properties of the IMC-based
composites at high temperature, which is a significant advantage of these composites over the
solder-based ones. Furthermore, although the reinforcement of solder-based joint by mold resin is
generally effective, the reinforcement of IMC-based joint is not required because of its temperaturestable characteristics. The temperature-stable mechanical properties of the IMC enable the
utilization of a soft resin as a part of the composite microstructure; in other words, significant
stiffness reduction could be achieved by utilizing the resin with soft material properties and the
temperature-stable IMC.
The FEM results also indicate that the joint stiffness S is exponentially affected by the
interconnection density of the IMCs between Cu particles, as shown in Fig. 5.13. Although the
simplified model does not accurately represent the real microstructure, the results indicate that the
morphology of the Cu-IMC skeleton-shaped microstructure dramatically affects the mechanical
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properties of TLPS joints. Moreover, the joint properties can be tailored to a wide range, and the
process control is essential for producing joints with stable interconnection densities and
performances. Similar to other (conventional) sintering processes, the effect of bonding temperature,
pressure, and time must be clarified. The strong impact of the interconnection density of the IMC
on the joint stiffness, and the load-carrying path through the IMC phase against an external load
lead to the conclusion that the fracture must predominantly occur within the IMC phase with a brittle
fracture mode. The suggestion is also supported by the equivalent stress distribution of the FE
simulation, as shown in Fig. 5.30, where high stress values are seen within the IMC bridges. This is
in good agreement with the fracture surface analysis in Figs. 5.22 (a) and (b). In addition, the
equivalent plastic strain distribution of the FE simulations is illustrated in Fig. 5.31, where high
plastic strain values apparently emerge within the Cu particles. This suggests that the Cu particles
enhance the joint ductility because they can deform and rotate plastically. The conventional TLP
bond line composed of a dense IMC microstructure exhibits a high tensile strength but low toughness
against an external load owing to the brittle properties of Cu–Sn IMCs, whereas the addition of Cu
enhances the toughness based on existing models of ductile phase toughening [33]. The remaining
Cu particles in the skeleton-shaped microstructure in this study can also enhance the toughness
against a load based on the models. This can be beneficial to compensate (thermo-)mechanical
loadings.

Fig. 5.30. Distribution of equivalent stress with primary/secondary IMC interconnections of 4/3.
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Fig. 5.31. Distribution of equivalent plastic strain with primary/secondary IMC interconnections of
4/3 where SiC and IMC parts, which are modeled as linear-elastic, are invisible.
5.5.2 Microstructural evolution through thermal aging
The microstructural variation of the Cu-IMC skeleton structure through thermal aging at 150,
175, and 200 °C was demonstrated in Section 5.4.2. Cu6Sn5 was not detected in the joints aged at
150–200 °C for 1000 h except at the chip side interface, as it was fully transformed to Cu3Sn. There
are two possible reactions for the transformation from Cu6Sn5 to Cu3Sn, as shown in Eqs. 5.6 and
5.7:
9Cu + Cu Sn → 5Cu Sn,

5.6

Cu Sn → 2Cu Sn + 3Sn.

5.7

The values of the Gibbs free energy changes of the two reactions calculated by Bao et al. [34] are
approximately −89 and 10 kJ/mol (150–200 °C), respectively. Thus, the reaction in Eq. 5.6 was the
main pathway for the transformation from Cu6Sn5 to Cu3Sn under the aging conditions in this study.
The transformation from Cu6Sn5 to Cu3Sn could affect the joint strengths because of the different
mechanical properties of Cu6Sn5 and Cu3Sn. For example, numerical studies estimated the Young’s
modulus of Cu6Sn5 and Cu3Sn [35], [36]. Some experimental studies evaluated Young’s modulus of
Cu6Sn5 at the macro-scale [37], [38] and micro-scale [24], [39]–[41]. Furthermore, Liu et al.
evaluated the mechanical properties of Cu3Sn and Cu6Sn5 through both experimental and modelling
techniques of micro-cantilever bending tests of the IMCs [42]. Although there is a wide variability
in the values of their mechanical properties, the Cu3Sn generally exhibits superior properties—
including a high strength, high elongation, and low elastic modulus—compared to those of Cu6Sn5.
For instance, Liu et al. reported the tensile strengths of Cu3Sn and Cu6Sn5 to be 2.15 and 1.13 GPa
and the tensile strains of Cu3Sn and Cu6Sn5 to be 0.016 and 0.010, respectively [42]. In addition,
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Lee et al. reported the bonding strength of TLPS joints composed of Cu3Sn to be five times higher
than that composed of Cu6Sn5 [1]. Based on these studies, the transformation from Cu6Sn5 to Cu3Sn
could have a positive effect on improving the joint strengths through thermal aging.
Despite the fact that the transformation from Cu6Sn5 to Cu3Sn might have improved the
mechanical properties of the joints, the shear strengths of the TLPS joints showed little increase
(150 and 175 °C) or a slight decrease (200 °C) through thermal aging in this study, as shown in Fig.
5.21 in Section 5.4.2. The submicron voids observed in the Cu3Sn, as shown in the SEM images
(i.e., Figs. 5.19 and 5.20 in Section 5.4.2), could adversely affect the TLPS joint strengths.
Interestingly, the submicron voids were observed in the Cu3Sn layer on the Cu particles, but not on
the Cu substrate, as shown in Figs. 5.16, 5.19, and 5.20 in Section 5.4.2. Some studies demonstrated
that submicron voids could be formed because of Kirkendall voids within the TLP layers of Cu–Sn
[32], [34], [43], Ni–Sn [44], and Ag–Sn [34] systems. The Kirkendall voids were also observed in
joints consisting of Sn-based solders and Cu [14], [45]–[47]. Yu et al. reported that the formation of
Kirkendall voids as the diffusion rate of Cu atoms is much higher than that of Sn atoms in the Cu3Sn
layer between the Cu substrate and SAC305 solder [45]. However, previous results on Kirkendall
void formation in Cu/Sn systems are not always consistent because of impurity atoms in the joints.
Yu et al. [45] demonstrated that S segregation to a Cu/Cu3Sn interface localized Kirkendall voids at
the interface. Laurilla et al. [46] suggested that impurity atoms (not identified) in an electroplated
Cu film assisted void formation. Moreover, Yang et al. [47] suggested that excess H in a Cu pad
introduced during electroplating condensed into voids in Cu3Sn. Although further studies are
necessary, the submicron voids observed in the Cu3Sn phase only on the Cu particles in this study
might have occurred because of impurity atoms in the Cu particles. Based on the observation results
of the cross-section before/after thermal aging, the increase in the amount of the submicron voids
could negatively affect the TLPS joint strengths.
The microstructural evolution aged at 150–200 °C can be approximately described as the
following evolving model, as shown in Fig.5.32. First, the original metallurgical microstructure of
the TLPS layer was mainly composed of Cu6Sn5 (or (Cu,Ni)6Sn5 at the chip side interface), residual
Cu particles, and Cu3Sn layers in between the Cu6Sn5 and Cu particles, as shown in Fig. 5.32 (a).
Submicron voids formed at the interface between the Cu3Sn and Cu particles due to the possible
mechanisms of the Kirkendall void. Secondly, with the increase in aging time, the transformation of
the Cu6Sn5 (or (Cu,Ni)6Sn5 at the chip side interface) into Cu3Sn through the diffusion of Cu atoms
from the residual Cu particles and the formation of submicron voids at the interface between the
Cu3Sn and residual Cu particles occurred simultaneously, as shown in Fig. 5.32 (b). Finally, with
the increase in the aging time, the residual Cu6Sn5, except for the small amount of (Cu,Ni)6Sn5 at
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the chip side interface, fully transformed into Cu3Sn. Additionally, the number of submicron voids
gradually increased, as shown in Fig. 5.32 (c). The analysis of the thermal aging characteristics for
the TLPS shows that the joints aged at 150–200 °C for 1000 h maintained a shear strength exceeding
19 MPa on average, as shown in Fig. 5.21 in Section 5.4.2, because of both the positive and negative
impacts of thermal aging on the shear strengths, which include the transformation of Cu6Sn5 into
Cu3Sn and the formation of submicron voids at the interface between the Cu3Sn and residual Cu
particles, respectively. In other words, the TLPS layer could produce relatively stable strengths for
die-attach applications through metallurgical reactions during thermal aging.

Fig. 5.32. Mechanism model of the microstructural evolution for the TLPS layer aged at 150–200 °C:
(a) as-bonded, (b) gradual transformation of Cu6Sn5 into Cu3Sn and formation of submicron voids,
and (c) fully-transformed structure with dominated Cu3Sn.
5.5.3. Impact of the macro- and micro-deformation behavior on the thermal cycling reliability
The macroscopic deformation behavior of the model through thermal cycling is shown in Fig.
5.28, where the strain of the TLPS joint is not increased in each subsequent thermal cycle (Fig. 5.28
(a)). This FE simulation result suggests that the TLPS joint deforms macroscopically during the
elastic deformation stage. The joint lifetime of elastoplastic materials can be estimated by the
Coffin–Manson equation, as shown in Eq. 4.3 in Section 4.5.2, Chapter 4, where the number of
cycles to failure Nf is linearly proportional to the strain increase per cycle Δεie. The macroscopic
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strain amplitude of the TLPS joint is shown in Fig. 5.28 (a), where ∆εie ~ 0, which indicates that the
thermal-cyclic lifetime might be further improved. Furthermore, thermal stress has to be evaluated
against thermal cycling to consider the lifetime of IMC, which is a brittle material. From the
macroscopic point of view, the thermal stress of TLPS is much lower than that of the IMC-only joint
and SAC305 joint. The thermal stress at the bonding layer can be analytically calculated by
considering linear-elastic material properties, as shown in Appendix A. It is clear that the reduction
of the Young’s modulus of the bonding layer causes the reduction of the thermal stress of the TLPS
joint as compared to the IMC-only joint. The above investigations suggest that the addition of resin
causes significant stiffness reduction, and the mechanical properties of the IMC-based composite
are stable against temperature variations, which facilitates the excellent reliability of the Cu-IMCresin microstructure against thermal cycling.
To gain further insights, we now discuss the microscopic deformation characteristics, which
include distribution of local stress and strain. The shear tests in Section 5.4.2 demonstrated the
fracture at the Cu-IMC-resin joints within the IMCs or at the Cu particle-IMC interface with brittle
surfaces. In addition, Liu et al. [42] demonstrated (both numerically and experimentally) that Cu6Sn5
and Cu3Sn fractured in brittle mode using the micro-cantilever bending method. Although, the
precise fracture behavior of brittle materials should be discussed by considering fracture toughness
based on various influence factors; here, we have simply discussed the behavior in terms of Mises
stress at potential crack initiation sites. The microscopic distribution of Mises stress of the TLPS
microstructure against macroscopic uniaxial load was numerically evaluated, where the ambient
temperature was set as −55 °C because the maximum macroscopic strain was generated at the
minimum temperature stage during the thermal cycling. The results are shown in Fig. 5.33, where it
is evident that the stress concentration sites, which are close to the necks between the connected Cu
particles, expand with the increase in macroscopic strain (Fig. 5.33 (b–e)). When the macroscopic
strain is 0.4% (which is equivalent to that used in thermal cycling experiment), although the stress
concentration sites where the local Mises stress exceeds the tensile strength of Cu6Sn5 [42] can be
partially identified, it is evident that the stress is broadly distributed (Fig. 5.33 (c)). Further, almost
no sites with local Mises stress exceeding the tensile strength of the Cu6Sn5 can be found in the low
strain (0.1%) condition (Fig. 5.33 (b)); however, many such sites can be found in the high-strain
(1.0%) condition (Fig. 5.33 (e)). Considering the poor ductility of the IMCs, the micro-deformation
behavior interestingly indicates that the high reliability of the TLPS joint is limited by this specific
condition on the macroscopic strain; further evaluation of the durable strain conditions is of
particular interest.
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It may be noted that some earlier studies have reported the deformation behavior of TLPS joints
under temperature variation. Greve et al. [49] experimentally and numerically identified a new
failure mechanism, i.e., cooling-induced formation of vertical cracks in Cu-Sn and Ni-Sn TLPS
joints based on the stress concentration at the interface of the TLPS layer and DBC substrate. Dudek
et al. [21] also numerically investigated Cu-Sn TLPS joint under thermal cycling, where they
evaluated the potential failure modes corresponding to the fatigue of chip metallization and brittle
fracture of IMC, components, or interfaces. These studies revealed that the brittle fracture modes
mainly occurred due to the stiffness and brittleness of the IMCs; therefore, the joint reliability would
strongly depend on the stress conditions; e.g., joint dimensions and operation temperature. In
contrast, the proposed Cu-IMC-resin TLPS composite exhibited deformation behavior under lowstiffness and broad stress distribution because of its inherent “skeleton-shape”, thereby facilitating
the excellent thermal cyclic reliability of the joint. From the results as shown in Section 5.4.1,
although thermal performance should be investigated further, e.g., interfacial thermal resistance
measurements, the thermal conductivity of the TLPS is comparable to that of conventional hightemperature Pb-5Sn solder, which is 23 W/m·K, and less than that of the SAC305 and other Snbased solders. The thickness of the TLPS die-attached layer could be thinner than that of the
conventional solders against a thermal strain during operation because of the low joint stiffness of
the TLPS joints. This means that the opposing effects of high thermal conductivity and low stiffness
must be compromised to satisfy the requirements of the operating conditions. Therefore, further
experimental investigation on optimization of the skeleton microstructure to achieve both high
thermal conductivity and low stiffness, and demonstration of the performance for power modules is
of particular interest.
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Fig. 5.33. Distribution of Mises stress obtained from the FE analysis of the 50-μm-sized Cu-IMCresin model against uniaxial displacement at −55 °C. (a) FE model, and the models with uniaxial
macroscopic strain of (b) 0.1%, (c) 0.4%, (d) 0.6%, and (e) 1.0%. The areas, whose Mises stress
exceeded the tensile strength of Cu6Sn5 (approximately 1000 MPa), are shown by white dotted
circles.

5.5.4. Advantages and potential issues
The characteristics of the Cu-IMC-embedded polymer composite revealed in this study are
described, as follows:


Young’s modulus of 11 GPa,



thermal conductivity of 26 W/m·K,



shear strength of 22 MPa, and



durable temperature of 200 °C.

This composite material showed significantly low stiffness and high durable temperature by
utilizing TLPS Cu-Sn IMCs. This stiffness-reduction approach in this study has a great potential to
the applications of TLPS techniques for strain-dominated loading conditions. The composite joint
showed high temperature-tolerance against thermal aging at 200 °C and also thermal cycling with
peak temperature up to 175 °C. Additionally, thermal conductivity and shear strength are satisfactory.
Therefore, the advantages and potential issues of this composite material can be described, as
follows:


Advantages;


Good interconnection reliability, and



excellent stress relaxation performance for power chips.
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Potential issues;


Moderate heat dissipation performance.

By utilizing the full potential of stiffness-reduced TLPS joint, this composite material would be
attractive to thin-chip die-attach applications, such as industry-use or home-appliance-use power
modules, because the thermal stress by CTE mismatch is fatal risk for their electrical characteristics.
Additionally, the opposing effects of high thermal conductivity and low stiffness must be
compromised to satisfy the requirements of the operating conditions. Further experimental
investigation on optimization of its morphology to achieve both high thermal conductivity and low
stiffness, and demonstration of the performance for power modules is of particular interest.

5.6. Conclusions
This study verifies the good reliability of the pressureless TLPS joints using a Cu-solder-resin
composite paste, which is composed of Cu particles, SAC305 solder particles, and polyimide-type
thermosetting resin. A unique microstructure composed of the Cu particles connected with Cu–Sn
IMC bridges distributed within the polyimide resin matrix was identified as resulting from the TLP
reaction and resin curing at 250 °C for 1 min. The thermal conductivity analysis showed that the
value of the TLPS film sintered at 250 °C is 25.9 W/m·K.
The averaged shear strengths were found to be 22.1 (reference), 22.8 (+3%), 24.0 (+9%), and
19.0 MPa (−14%) for the as-bonded state and the specimens aged at 150, 175, and 200 °C for 1000
h, respectively. The TLPS joints maintained a shear strength over 19 MPa after the thermal aging at
200 °C for 1000 h because of both the positive and negative impacts of the thermal aging, which are
the phase transformation from Cu6Sn5 into Cu3Sn, and the formation of submicron voids at the
interface between Cu3Sn and Cu particles because of the Kirkendall effects. These results indicate
an excellent thermal reliability of the TLPS Cu–Sn skeleton microstructure.
FE simulations based on a 3D image reconstruction model to elucidate its macro- and microdeformation properties. Macroscopically, the Cu-IMC-resin microstructure showed temperaturestable and low-stiffness mechanical characteristics because the Cu and IMC primarily acted as the
load-carrying phases, and the embedded easily-deformable resin acted as the spacer. The
homogenized Young’s modulus of the TLPS Cu-IMC-resin microstructure (11 GPa, −89%) was
significantly lower than that of Cu6Sn5 (102 GPa, reference). Microscopically, the local stresses
were broadly distributed on the IMC parts under uniaxial tensile simulation. This micro-deformation
behavior indicated that the TLPS microstructure can exhibit highly reliable performance under a
specific macroscopic strain condition in spite of the poor ductility of the IMCs. SiC-DBC die152

attached numerical model using the homogenized mechanical properties of the Cu-IMC-resin
predicted its excellent reliability during thermal cycling, as the deformation behavior showed both
quite low strain and stress from the macroscopic view, and lower local-stress than the tensile strength
of Cu6Sn5 from the microscopic view. This prediction was supported by the experimental results.
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Chapter 6.

Conclusions

In this study, NC and MC materials are applied to power electronics interconnections. The NC
and MC materials have a potential to meet the various requirements for state-of-the-art power
electronics applications, including higher complexity, system integration, product miniaturization,
higher power density, and reliability enhancement. A comprehensive discussion of the NC and MC
materials by computational calculation method to predict their equivalent characteristics was
introduced by utilizing an idealized RVE model. This macroscopic evaluation suggested promising
material combinations. Subsequently, specific materials and bonding processes were studied and
successfully demonstrated as valid for power module implementation of these promising NC and
MC materials, as follows: Sintered closed-porous Ag material (Chapter 3), metallic mesh-embedded
solder composite (Chapter 4), and Cu-IMC-embedded polymer composite (Chapter 5). The results
achieved in this dissertation are summarized as follows:

In Chapter 1, the fundamentals of interconnections and assembly in power electronics were
described. Furthermore, a wide variety of NC and MC interconnection materials were reviewed
based on our morphological classification (i.e., matrix-dilute inclusion composites and bicontinuous
composites).

In Chapter 2, equivalent Young’s modulus and thermal conductivity were estimated by FE
simulations using simplified RVE models representing the matrix-dilute inclusion and bicontinuous
composites. The impacts of the properties and the volume fraction of inclusions on the equivalent
properties were predicted from a macroscopic perspective. The FE simulations revealed that the
bicontinuous morphology further enhances the equivalent properties of NC and MC materials. Based
on the FE simulations, three distinctive NC and MC candidates, promising the favorable material
properties—low Young’s modulus, high thermal conductivity and strength, and high-temperature
tolerance—were proposed, as follows:
(a) Porous Ag material: High thermal conductivity and strength, and highly durable temperature,
(b) Cu-embedded solder composite: Moderately high strength and thermal conductivity,
(c) Cu (and/or Cu6Sn5)-embedded polymer composite: Significantly low stiffness and high
temperature durability.
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Chapter 3 describes an approach utilizing the sintered closed-porous Ag material for hightemperature SiC die-attachment applications. The closed-porous Ag microstructure is successfully
realized by a pressure-assisted sintering process at 260 °C in air by utilizing a Ag nanoparticle paste.
Metallurgical observations of the sintered Ag material showed that the nanocrystalline closedporous structure in the as-sintered state. Tensile tests revealed that the as-sintered Ag materials
macroscopically showed low ductility compared with the annealed specimen at RT. Additionally,
lower stiffness than that estimated from the porosity was found. The as-sintered Ag material shows
a significant temperature-dependent mechanical property. The as-sintered Ag material was
suggested showing the inherent mechanical properties of nanocrystalline metals. The porous
material was verified a high-temperature operation at a maximum temperature of 250 °C, which
suggests the applicability of the material to high-temperature uses.

Chapter 4 describes an approach utilizing the metallic mesh-embedded solder composites for Si
die-attachment application. The combination of SAC305 solder paste and Cu or Ni thin metallic
mesh successfully provides bicontinuous composite microstructure by a pressureless reflow process.
Metallurgical observations and shear tests demonstrated their unique microstructural and
mechanical properties by comparing to monolithic SAC305 solder joint. Long-term stability against
a constant elevated temperature of 150 °C and temperature cycling reliability with a peak
temperature of 200 °C demonstrated superior performance over the monolithic SAC305.
Furthermore, the thermal and mechanical FE simulations demonstrated their mechanically and
thermally reinforced characteristics. This research has proven that the metallic mesh-embedded
solder composite joint, especially Cu mesh-embedded solder composite, is an attractive joining
solution for power modules below 200 °C.

Chapter 5 describes an approach utilizing the Cu-IMC-embedded polymer composite. A unique
bicontinuous microstructure composed of the Cu particles connected with Cu–Sn IMC bridges
embedded within the polyimide resin matrix was successfully fabricated by a pressureless TLPS
process using a Cu-solder-resin composite paste at 250 °C for 60 s in nitrogen atmosphere. The
shear strength and thermal conductivity of this composite interconnection are compatible with the
conventional Pb-5Sn solder. This composite material showed significantly low stiffness and high
durable temperature by utilizing TLPS Cu-Sn IMCs, the result of which was supported by the FE
simulation of the real 3D microstructure model. Furthermore, the Cu-IMC-embedded polymer
composite interconnection shows excellent reliability during thermal aging at 200 °C and thermal
cycling between -55 and 175 °C despite their brittle characteristic. This stiffness-reduction approach
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in this study has a great potential to be applied in TLPS techniques under strain-dominated loading
conditions.

In summary, the three promising composites have been demonstrated to be attractive joining
solutions, which have their unique properties. These materials have great potential to achieve
multiple required properties at a level superior to conventional monolithic solders. However, it is
also clear that each material has its potential challenges. Based on these expected advantages and
potential issues, the following combinations of “materials: favorable applications” were derived, as
follows:


Sintered

closed-porous

Ag

material:

Performance-driven

high-temperature

interconnections, such as state-of-the-art SiC power module die-attachments,


Cu mesh-embedded solder composite: Interconnections that require cost-effective superior
interconnection reliability and heat dissipation over conventional solders, such as nextgeneration interconnections to replace conventional solder in automotive power modules,



Cu-IMC-embedded polymer composite: Thin-chip die-attach solutions, where thermal
stress by CTE mismatch is fatal risk for their electrical characteristics, such as industryor home-appliance-use power modules.

As described above, the concept of NC and MC materilas tailored to various requirements for
power electronics interconnections was comprehensively verified by the prediction of equivalent
characteristics, and the evaluations of three specific materials. A further comprehensive study,
including a prediction method based on microscopic perspective, would provide additional insights
in future work. This concept can still have tremendous potential by choosing various constituents
and morphology; therefore, exploring other tailored combinations in future research can facilitate
the attainment of additional state-of-the-art electronics interconnections.
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Appendix A.

Analytical calculation of thermal stress

within three-layered structure

Thermal stress within multi-layered structure against ambient temperature change ΔT (= T - T0)
can be analytically given by considering force and moment balance equations, based on the 2dimensional model, as shown in Fig. A.1, by assuming that thermal strain and stress within each
parts are “zero” at T0. In the three-layered structure assuming linear-elastic material properties,
thermal stress within layer 1 σx,1, layer 2 σx,2, and layer 3 σx,3, are assumed as follows:
𝜎

,

=𝐸 ∙ 𝜀

,

+𝜀

,

−𝑡 ≤ 𝑥 ≤ −𝑡 + 𝑡

𝜎

,

=𝐸 ∙ 𝜀

,

+𝜀

,

−𝑡 + 𝑡 ≤ 𝑥 ≤ −𝑡 + 𝑡 + 𝑡

𝜎

,

=𝐸 ∙ 𝜀

,

+𝜀

,

−𝑡 + 𝑡 + 𝑡 ≤ 𝑥 ≤ −𝑡 + 𝑡 + 𝑡 + 𝑡

(A.1)

where Young’s modulus, layer thickness, and coefficient of thermal expansion (CTE) of each layer
are En, tn, and αn (n = 1, 2, or 3), respectively. Neutral axis of the model t0 passes through the point
x=0, described as follows:
𝑡 =

𝐸𝑥𝑑𝑥
𝐸𝑑𝑥

=

𝐸𝑡

+𝐸 𝑡

+ 𝐸 𝑡 + 2𝐸 𝑡 𝑡 + 2𝐸 𝑡 𝑡 + 2𝐸 𝑡 𝑡
2 𝐸 𝑡 +𝐸 𝑡 +𝐸 𝑡

(A.2)

εF,n is the term of uniaxial strain caused by constraints between laminated layers assumed in the
both-ends-fixed model against temperature change ΔT, as shown in Fig. A.2 (a), as follows:
𝜀

,

= 𝜀 − 𝛼 ∙ ∆𝑇

(A.3)

where εy is the average strain of the fixed-end. On the other hands, εM,x is the term of strain caused
by bending moment of each layer, as shown in Fig. A.2 (b), as follows:
𝜀

,

= 𝑎𝑥 =

𝑥
𝜌

(A.4)

where ρ is curvature radius of the model (ρ > 0: convex downward, ρ < 0: convex upward).
The force balance equation between each layer is described, as follows:
𝜎 𝑑𝑥 +

𝜎 𝑑𝑥 +

𝜎 𝑑𝑥 = 0

(A.5)

which leads to
𝐴 ∙ 𝑎 + 𝐵 ∙ 𝜀 + 𝐶 ∙ ∆𝑇 = 0
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(A.6)

where,
𝐴 =0
𝐵 =𝐸 𝑡 +𝐸 𝑡 +𝐸 𝑡
𝐶 = −(𝐸 𝛼 𝑡 + 𝐸 𝛼 𝑡 + 𝐸 𝛼 𝑡 )

(A.7)

Next, the moment balance equation between each layer is described, as follows:
𝜎 𝑥 𝑑𝑥 +

𝜎 𝑥 𝑑𝑥 +

𝜎 𝑥 𝑑𝑥 = 0

(A.8)

which leads to
𝐴 ∙ 𝑎 + 𝐵 ∙ 𝜀 + 𝐶 ∙ ∆𝑇 = 0

(A.9)

where,
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(A.10)

εF and εB are obtained from the Eqs. from A.5 to A.10, as follows:
𝜀
𝜀

=
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+ 𝐸 (𝑡 + 𝑡 + 𝑡 − 𝑡 ) − (𝑡 + 𝑡 − 𝑡 )
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∙𝑥

(A.11)

Consequently, the thermal stress gradient along the thickness of the three-multi-layered model is
obtained by inserting Eq. A.11 into Eq. A.1, as follows:
𝜎
𝜎
𝜎

,
,
,

where,
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(A.12)

Fig. A.1. Schematic illustration of thermal-stress distribution within three-layered structure against
ambient temperature change.
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(a)

(b)

Fig. A.2. Schematic illustration of (a) uniaxial thermal strain caused by constraints between each
layer assumed in the both-ends-fixed model against temperature change ΔT, and (b) bending stress
caused by bending moment.
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Appendix B.

Favorable mechanical properties for

power electronics interconnection material

Power electronics interconnection material is desired to provide heat dissipation performance,
interconnection reliability, and stress-relaxation for power chips, as mentioned in Section 1.2.2. In
this section, desirable mechanical properties for power interconnection, especially about
interconnection reliability and stress-relaxation for power chips, were discussed based on the
analytical calculation of thermal stresses.
The thermal stress within a three-layered structure against ambient temperature change ΔT (= T
- T0) can be analytically derived by considering force and moment balance equations, based on the
2-dimensional model, as shown in Appendix A. The material and geometrical parameters used in
this study are shown in Table B.1. Layers 1, 2, and 3 present a chip, a bonding layer, and a substrate,
respectively. The Layer 1 parameters are chosen as the SiC properties [1] with varying the thickness
from 0.05 to 0.30 mm. The Layer 2 parameters are selected as the common thickness and CTE of
solders, and varying Young's modulus from 1 to 100 GPa to evaluate its effect on thermal stress.
The Layer 3 parameters are selected by roughly assuming the effective properties of DBC substrate.
Ambient temperature change is assumed to be from T0 = 200 °C to T = 22 °C, assuming the cooling
process after the bonding process.

Table B.1. Parameters in the analytical calculations [1].
Thickness, t
[mm]

Young’s modulus, E
[GPa]

CTE, α
[× 10-6/K]

0.05–0.30

430

4.1

Layer 1:

Chip

Layer 2:

Bonding layer

0.1

1–100

20

Layer 3:

Substrate

1.0

100

10

Fig. B.1 (a) shows analytically-calculated thermal stresses within the chip (Layer 1), the bonding
layer (Layer 2), and the substrate (Layer 3), where the thickness of Layer 1 (chip) was 0.15 mm.
Positive and negative stress values, which are in the y-axis, show tensile and compressive stresses,
respectively. Fig. B.1 (b) shows the schematic illustration of the thermal stresses, where the σtop,n
and σbtm,n are shown at the top and bottom edge of each layer n, respectively. Compressive stresses
occurred in the chip (Layer 1), which increased with increasing Young's modulus of the bonding
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layer. Conversely, tensile stresses occurred in the bonding layer (Layer 2), which increased with
increasing Young's modulus of the bonding layer. Finally, the stresses in the substrate (Layer 3) were
relatively low, which were barely affected by Young's modulus of the bonding layer. These results
showed that the reduction of Young’s modulus of the bonding layer reduced the compressive and
tensile stresses at the chip and the bonding layer, respectively.

(a)

(b)
Fig. B.1. (a) Analytically-calculated thermal stresses of a three-layered model consisting of a chip
(Layer 1, t1 = 0.15 mm), a bonding layer (Layer 2), and a substrate (Layer 3), where positive and
negative stress values show tensile and compressive stress, respectively. (b) Schematic illustration
of the thermal stresses, where the σtop,n and σbtm,n are shown at the top and bottom edge of each layer
n, respectively. Ambient temperature change is assumed to be from T0 = 200 °C to T = 22 °C.
The relationship between the chip thermal stress σtop,1, Young’s modulus of the bonding layer
E2, and the chip thickness t1 was calculated, as shown in Fig. B.2 (a). This result indicated that either
the reduction of E2 or the increase in t1 significantly reduced the thermal compressive stress at the
chip layer σtop,1. Recent leading-edge power modules require thinner chip for power-loss reduction;
therefore, Young’s modulus reduction and lower bonding temperature are suggested to be helpful
for power chip stress-relaxation.
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Next, the relationship between the bonding layer thermal stress σtop,2, Young’s modulus of the
bonding layer E2, and the chip thickness t1 was calculated, as shown in Fig. B.2 (b). The result
indicated that the reduction of Young's modulus of the bonding layer E2 significantly reduced the
bonding layer thermal tensile stress σtop,2. In contrast, the chip thickness reduction t1 only slightly
did so.
From a macroscopic point of view, the fracture criterion of a bonding layer can be qualitatively
described from the balance between the thermal stress and the bonding layer strength. There are two
simple approaches for joint reliability enhancement: Thermal stress reduction or joint strengthening.
For the former approach, these analytical calculations suggest the effectiveness of Young’s modulus
reduction. For the latter approach, reinforced composite materials are evaluated in this study.
Additionally, high-temperature-tolerant properties would contribute to strengthening at high
temperatures. A high-strength and high-temperature-tolerant constituent material can be expected
by strengthening a monolithic material.
Although an actual deformation behavior has to be discussed by considering both the
elastoplastic and creep properties of each layer and also repetitive temperature profiles during
service, these analytical calculations provided helpful insight in determining favorable mechanical
characteristics of power electronics interconnections, summarized as shown in Table B.2.

(a) Stress at chip,

σtop,1

(b) Stress at bonding layer,

σtop,2

Fig. B.2. Relationship between the chip thickness t1, Young’s modulus of the bonding layer E2, and
the thermal stress of (a) the chip σtop,1 and (b) the bonding layer σtop,2. Ambient temperature change
is assumed to be from T0 = 200 °C to T = 22 °C.
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Table B.2. Favorable mechanical properties for interconnection materials, corresponding to the
requirements for power electronics interconnections.
Mechanical requirements for

Favorable mechanical properties

power electronics interconnections
Interconnection reliability

Stress-relaxation for power chips



Low Young’s modulus



High strength



High-temperature tolerance



Low Young’s modulus
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